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Abstract

Line-Start Synchronous Reluctance Machines are considered a more efficient and sustain-
able alternative to the widely used Induction Machines. However, the research has been
impeded by the lack of appropriate simulation models, as most of the studies only use
the time-consuming transient two-dimensional Finite Element Method. This thesis aims
to fill this gap by presenting an improved numerical parameter model that can support
the development process of Line-Start Synchronous Reluctance Machines in a fast and
accurate way. The focus is on machine designs, in which the conductors are placed within
the flux barriers.

First, a circuit-coupled two-dimensional Finite Element model is derived. In this con-
text, a 3D Finite Element-based method is introduced with which the end ring parameters
can be calculated accurately. It is demonstrated that it is also important to take the skin
effect into account for the end ring. This has a major influence on the rotor cage, as
the bars are usually much deeper than in classic Induction Machines. In this model, the
effect is considered by applying the multi-layer method, which divides the rotor cage into
multiple separate cages to account for the changing resistance and inductance.

Secondly, a Finite Element-based parameter model is adapted to be applied to non-
standard rotor cage geometries of Line-Start Synchronous Reluctance Machines. Espe-
cially the consideration of skin effect and saturation are improved. For the skin effect, the
multi-layer method is adopted from the Finite Element model. For the saturation, on the
other hand, the existing global saturation factor method is extended to a dg-saturation
factor method, which takes the different saturation behavior of the machine’s d- and g-
axis into account. The validation with measurements and the Finite Element model prove
that both methods can significantly improve the accuracy of the model with regard to the
studied effects.

The research results represent a further step towards developing fast and accurate
simulation models that can enhance the design process and therefore the development
of Line-Start Synchronous Reluctance Machines. In particular, the numerical parameter
model turns out to be faster from the first start-up simulation on, as it takes minutes
instead of hours for one single start-up as soon as the parameters for the model have been
determined.
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Chapter 1

Introduction

1.1 Motivation

To mitigate the impact of climate change, not only the worldwide energy production
should be transferred to sustainable technologies, but also the consumption in total must
be reduced. This includes, of course, electrically supplied applications whose overall
efficiency should be optimized as much as possible. In addition, we should aim to use our
resources as sustainable as possible.

When it comes to electrical energy consumption, the share of electric motors in the
European Union, for example, is estimated at 50%, caused by about 8 billion electric
motors [1]. The vast majority of these motors are Induction Machines (IM), a well-known
technology with major advantages like mechanical robustness, simple construction, and
reliability. Furthermore, in contrast to Synchronous Machines (SM), the IM comes with
the big advantage that due to its rotor being equipped with a rotor cage (so-called squirrel
cage), it has the ability to start directly connected to the grid without any need for an
additional electronic device.

The main drawback, however, is that it usually has a low efficiency rating due to its
inherent rotor Joule losses. This is beginning to cause problems for manufacturers, as
the efficiency requirements for motors on the market have been and will continue to be
increased in order to achieve the above-mentioned targets. For example, the European
Commission has increased the ecodesign requirements (in accordance with the IEC 60034-
30-1 standard) and extended their scope to a wider range of output power [2].

Recent years have therefore witnessed a growing academic and industrial interest in
alternative technologies that can meet the increasing requirements in the future. Thus
far, three different approaches have emerged for this purpose.

The first one aims to optimize the machine design for a better performance. This could
be done by optimizing the geometry of the laminations and the winding configuration of
both stator and rotor. In addition, the use of higher-quality materials such as lower-
loss electrical steel or a copper rotor cage can further reduce overall losses and thus
increase efficiency. Reducing the additional losses is also possible [3]. However, detailed
examination of the potential of optimization strategies for induction machines by Villani
et al. [4] showed that the impact on the efficiency could only be classified as low to
medium, whereas the manufacturing and material costs could rise unreasonably.

The second option is to equip the induction machine with an inverter. This way, the
machine can be controlled and the efficiency at each operating point can be maximized,



which is not possible if the machine is connected to the grid with a fixed voltage and
frequency. There are, however, disadvantages to this approach: An additional inverter is
expensive, uses more environmentally critical material, has a reduced life cycle, and less
robustness to harsh environments.

Hence, the option that has been identified as the most promising approach to reach the
efficiency improvement goals sustainably is to replace induction machines by Line-Start
Synchronous Machines [4]-[6]. This type of machine is basically a combination of Induc-
tion and Synchronous Machine technology, providing a rotor cage for the asynchronous
start-up and synchronous torque for the operation at synchronous speed. Their big ad-
vantage is that as soon as the rotor cage has accelerated the rotor to synchronous speed,
the rotor fundamental current is zero and only harmonic currents remain. This means
that, unlike the induction machine, a Line-Start Synchronous Machine has relatively small
rotor Joule losses during operation. Therefore, it can achieve a higher efficiency just by
replacing the motor without any need for an inverter.

There are two types of Line-Start Synchronous Machines which are considered to be
the most promising alternatives. These are Line-Start Permanent Magnet Synchronous
Machines (LSPMSM) and Line-Start Synchronous Reluctance Machines (LSSynRM). The
former integrates permanent magnets into the rotor structure to produce synchronous
torque (Figure 1.1 left). The latter achieves this through magnetic anisotropy, that is,
the inductance difference of its synchronous axes, which is obtained by adding so-called
flux barriers to the rotor (Figure 1.1 right).

permanent flux
magnets barriers

Figure 1.1: Examples of the rotor of a Line-Start Synchronous Permanent Magnet Ma-
chine (left) and a Line-Start Synchronous Reluctance Machine (right).

The vast majority of studies in the technical literature concern Line-Start Permanent
Magnet Machines (Figure 1.2). Due to the simple adaption from Induction Machines
and the high torque density which can even rule out IMs, they are believed to be a good
option [6]. However, a major disadvantage can be identified here as well: The utilized
rare earth permanent magnets have a negative environmental impact during mining and
manufacturing [7|. Furthermore, the availability of those magnets is limited, which leads
to high variations in price. During overload operation or in harsh environments, the
magnets could also demagnetize due to high temperature. Lastly, the generation of a
back-EMF when the stator is currentless can cause problems.

Line-Start Synchronous Reluctance Machines, on the other hand, do not use magnets
and thus consist of the same materials as Induction Machines, which is why they are
receiving increasing attention. The manufacturing process is very similar as well, so the
costs to adapt the manufacturing site remain within reasonable limits [4].
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Figure 1.2: Comparison of the total number of online publications on Line-Start Per-
manent Magnet Machines (LSPMSM) and Line-Start Synchronous Reluctance Machines
(LSSynRM) from 1990 to 2022 (for LSSynRM, also the term “Direct-on-line” instead of
“Line-Start” has been included). Data obtained on 24,/10/2023 from Digital Science’s Di-
mensions platform [8]. Comparison does not claim to be exhaustive.

However, although the technology already has a long history, it is not yet mature and
sufficiently understood to be able to offer market-ready products that allow a large-scale
replacement of induction machines. This will be explained in more detail below after a
brief historical overview of the machine’s development.

In fact, research into Line-Start Synchronous Reluctance Machine technology started
over 100 years ago. Kostko even claimed in 1923 [9] that it was older than induction
motor technology. Yet, this cannot be fully proven and is also a question of definition.
Nonetheless, the invention of three-phase synchronous machines with salient poles (also
without excitation) dates back to the same era in the 19th century [10], [11].

In the next century, numerous inventions and improvements were followed by the first
models for the theoretical calculation of such machines. In 1913, for instance, Jasse [12]
carried out what is believed to be the first comprehensive model on synchronous machines
without excitation, which were called “Synchronous Reaction Motors” at that time (and
still nowadays) due to the reluctance torque also being called “reaction torque”. The
lack of electronics back then led to the fact that these motors usually had to start by
themselves, for example by eddy currents in solid rotors. The advantage of fixed speed,
simple design and hence manufacturing already made the motor quite popular for many
applications where only a small output torque had to be achieved.

Due to the technology being adapted from Synchronous Machines with salient poles,
the first topologies equipped with a rotor cage (adapted from damper cages providing
asynchronous torque for salient-pole SMs as well) relied on external flux barriers (Figure
1.3a) [13]-[15]. These are areas that have been cut out of the highly permeable iron and
which reduce the magnetic flux due to the much lower permeability of air. This reduces
the inductance of the axis that has more air in it (g-axis) in comparison to the axis which
still mainly consists of iron (d-axis) except for the air gap. However, in such designs also
the d-axis inductance was decreased due to the higher carter factor caused by the varying
air gap width. Consequently, these motors required higher magnetization currents and
thus had poor efficiency ratings.

Over time, the introduction of rotors with (additional) flux barriers underneath the
rotor cage followed, which could be as simple as circular or rectangular cut-outs or more
adapted forms such as radial or more complex flux barriers, sometimes in segmented



(a)

Figure 1.3: Examples for different types of rotor topologies of a four-pole Line-Start Syn-
chronous Reluctance Machines: (a) cut-offs on the rotor outer diameter as flux barriers, (b)
flux barriers underneath a standard rotor cage in addition to cut-offs, (c¢) hybrid induction
machine and SynRM rotor structure, (d) rotor cage exclusively placed in flux barriers of
SynRM.

rotors [16]-[18] (e.g., Figure 1.3b). Yet, during the second half of the 20th century,
the improvements in LSSynRM technology were very little. The design challenges were
high due to the absence of enough computational power. Apart from hardly any studies
except for example from Honsinger in 1972 [19], which already showed a trend to new
rotor designs being hybrid topologies of SynRM and IM elements (cf. Figure 1.3c), mainly
LSPMSM have been studied due to the introduction of and improvements in rare-earth
permanent magnet materials [20].

The improvements in design of classic Synchronous Reluctance Machines which ac-
celerated in the 1990s [21], [22], and the potential of further optimizing their efficiency
with increasing computational power, then led to new rotor topologies being introduced
in the literature of LSSynRM. The main design aspect to be mentioned is that flux bar-
riers, which follow the “natural” path of the magnetic flux in the d-axis, are completely
or partially filled with conductive material (Figure 1.3d). This comes with the advantage
that the d-axis inductance is nearly maintained, while only that of the g-axis is reduced
as much as possible. In addition, the rotor cage does not initially affect the steady-state
performance (even though the flux barriers can also be adjusted to improve the start-up
behavior, which is associated with a reduction in the steady-state behavior). Perhaps the
best-known study using this approach was carried out by Gamba et al. in 2013 23] (and
also the follow-up work [24]).

There is now a broad consensus that LSSynRMs are a viable option as an alternative
to IMs [5], owing to the major improvements in the designs in terms of steady-state
efficiency. In previous work, it could also be proven that even replacing the rotor of
an induction machine with a non-optimized LSSynRM rotor can already lead to much
higher efficiency [A1]. This can be beneficial especially for small motors, in which the
cage resistance of the IM and thus the losses in rated operation are typically high due to
the small volume. However, the question of the extent to which this can happen and with
what restrictions remains unanswered due to the gaps in our knowledge.

One major theoretical issue that still has dominated the field for many years now
concerns the challenge of ensuring a reliable start-up (cf. [23]-[31]). After accelerating
to almost synchronous speed, the rotor must be pulled into step, which means it has
to synchronize to the rotating stator field. However, this synchronization process is not
ensured for every load torque below the pull-out torque. Instead, there is a maximum
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load torque that can be synchronized, which in addition depends on the total moment of
inertia of the rotating parts. If this limit is exceeded, the motor will stay in unstable and
therefore undesired asynchronous operation.

The reason for this problem is that the asynchronous and synchronous torque each
place different, sometimes conflicting, demands on the rotor design. In order to achieve
good asynchronous start-up behavior, the conductive material must be placed as close as
possible to the air gap. This is the case for all standard Induction Machines with rotor
cages. On the contrary, the synchronous operating behavior is improved by maximizing
the difference between the inductances of the d- and g-axis Ly and Lq. Especially in new
designs focusing on maximum steady-state efficiency to meet the efficiency requirements,
and therefore maximum Lq/L, ratio (as in Figure 1.3c and d), the flux barrier design
leaves less space to place conductive material near the air gap. Furthermore, the start-up
behavior deteriorates even more if the rotor cage becomes unsymmetrical due to the rotor
design, as in Figure 1.3d [32]-[35].

In contrast, the start-up of an Induction Machine is only limited by thermal con-
straints. As long as the load torque is lower than the pull-up torque of the machine at
the given voltage, the steady state is reached with a certain slip remaining. Since the
LSSynRM must in addition overcome this slip and synchronize to the stator field, its
start-up is far more critical and therefore of particular interest for the design process, es-
pecially if the motor is to be a one-to-one replacement for IMs. Nonetheless, the prospect
of higher efficiency in an application using the same materials as induction machines and
maintaining manufacturing costs makes it interesting to investigate the technology and
its challenges.

Yet, it appears that this research has been impeded by the lack of appropriate simu-
lation models for the transient start-up process. For each design and set of parameters,
many simulations have to be carried out, leading to hundreds or thousands of simulations
during the design process [36]. This makes the task very time-consuming. As mentioned
before, especially new conductor designs of flux barriers filled with aluminum pose a major
challenge. Hence, models should be adapted to provide fast results while still maintaining
sufficient accuracy for any kind of geometry.

Most of the design studies to date have been carried out employing the Finite Element
Method (FEM) [27], 28], [31], [36]-]46]. Its versatility regarding the wide variety of
geometries while providing accurate results and profound insight in local physical effects
is the reason for it to be considered state of the art. Nonetheless, the research to date
has tended to rely on available computational power. In practice, the method still leads
to time-consuming simulations for each single start-up which deteriorates the result of
optimization studies because only few geometries could be studied in a small number of
iterations, for example in [41].

A different type of model can be grouped under the term of numerical parameter
models, including for example dg-models [23], [29], [47]-[52] that reduce stator and rotor
windings to two equations each. However, this comes at a cost, namely the neglection
of harmonics, which can lead to less accurate results. Furthermore, as already stated in
[23], [53], the parameter estimation for these models is complex and error-prone, often
leading to effects being neglected or oversimplified (mostly saturation and skin effect). As
already pointed out in [47], however, the saturation effects of anisotropic motors are more
complex than in isotropic machines and important to consider.

In contrast, Giidelhofer presented a semi-analytical parameter model, which can
be considered an important step towards a fast and accurate calculation procedure of



LSSynRM [54], [55]. By deriving a phase-domain model that accounts for saturation in a
simplified way and even considers geometry-induced space harmonics and inter-bar cur-
rents, he has been able to estimate the start-up behavior of LSSynRM with standard IM
cages much faster with a good accuracy.

However, this model still has weaknesses that need to be overcome. Firstly, the
method of considering saturation with a single saturation factor is incomplete as it ig-
nores the aforementioned particular saturation characteristics of an LSSynRM. Due to
the rotor’s anisotropy, the saturation of d- and g-axes is different, which cannot be accu-
rately modelled by using a single factor. Secondly, as the model is applied to LSSynRM
with standard Induction Machine cages, it uses skin effect factors that manipulate the
resistance and inductance of the rotor bars. However, these are not applicable to modern
LSSynRM geometries in which the conductors are placed inside the flux barriers. Thirdly,
the existing model does not clarify how the iron bridges at the air gap and inside the ro-
tor can be considered for modern rotor designs. The previous motor designs only had
internal bridges, if any, which were set to air in the model and thus neglected regarding
the magnetizing current. Lastly, the derivation of the system of the equation itself can be
simplified to obtain a more comprehensive model.

Apart from these parameter models, there is a third type, that is usually preferred
from an engineer’s perspective. Fully analytical models are much faster due to their
simple solution, and also provide insight on the machine’s working principle and interre-
lationships, which is crucial for understanding and improving the technology. However,
studies from the past [19], [56] as well as more recent ones [57| showed that it is quite
difficult to derive accurate models. This is caused by the complex rotor topology which
can consist of rotor bars of many different shapes and sizes (cf. Figure 1.3) as well as
flux barriers embedded in the rotor that cannot be represented easily and therefore cause
oversimplified approaches to fail [57]. To the author’s best knowledge, there is no work
introducing a sufficiently accurate analytical model for the start-up of LSSynRM so far.

In addition, all of these presented studies in the literature share the problem of mostly
poor experimental validation, as discussed in the following.

Firstly, there are numerous studies which do not provide any experimental validation
at all [28], [36], [37], [41], [42], [45], [57], [58]. This may still be useful for qualitative studies
on the general behavior of the motors. However, since it is known that the dynamic start-
up is an extremely challenging discipline, the results of these studies are often only of
limited significance.

Secondly, there are studies in which measurement results are presented but not directly
compared with those of the simulation [40], [49], [52].

Lastly, there are indeed studies that compare the results of measurements with simu-
lations. However, even when the dynamic behavior is discussed in the paper, some studies
are restricted to steady-state measurements for validation [30], [38], [39], [44].

The studies in [30], [51], on the other hand, are limited in that the experiments
do not reflect the real conditions of the designated applications and are hence of limited
significance as well. Here, the synchronization tests are carried out by gradually decreasing
the load torque until the motor eventually synchronizes. Apart from the obvious difference
to the real start-up procedure, also the temperature and therefore the stator and rotor
resistances are unknown.

In some studies where the dynamic start-up is compared, the significance is sometimes
limited, as only one or a few cases are shown [59]. Moreover, in [43], for example, only
the current versus time but no other quantity is compared for the dynamic start-up. In
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[29], the synchronization behavior depending on load torque and moment of inertia have
been compared, but not in the same plot and with visible differences. The comparison of
the dynamic start-up is missing.

Other studies, by contrast, provide good approaches for reliable experimental valida-
tion of the models, but also report problems that occur. Often it appears that there are
too many unknowns in the experiment, which is briefly discussed in the following.

On the one hand, recording the winding temperatures poses a major problem. The
cage temperature is often estimated, which can result in a large difference between sim-
ulation and measurement. In [23|, it has already been reported that for the dynamic
start-up the temperature is critical. This is because the motor has to cool down if the
start-up should be measured for the cold motor. Therefore, doubts about the experiments
are stated.

Likewise, in [50], the measurement is carried out for “cold and hot motor”, whereas the
simulation has a fixed temperature, which causes the results to differ. Furthermore, the
test setup in this study is unknown and only one single dynamic start-up measurement is
shown.

The same problems are reported in [31], where steady-state measurements are followed
by a dynamic start-up. It is assumed that temperature is the key factor causing devia-
tions, as the model and the measurement have different resistance values. Furthermore,
a comparison of speed or torque over time is not made in the paper.

In [27], on the other hand, the moment of inertia of the rotating system is reported
as an uncertainty factor. In particular, the load moment of inertia is considered to be
incorrect, which is why its value is adjusted until the simulations match the measurement.
Furthermore, the experimental setup contains claw couplings and a torque sensor as non-
rigid elements on the rotating shaft, which can further influence the dynamic behavior.

Giidelhofer [54], [55], in addition, failed to compare the speed versus time curves
during start-up, which hence lacks information about the accuracy of the model in the
dynamic case.

Prior studies have also not been able to account for the end-ring portion of the rotor
cage in a physically reasonable way. Instead, much of the literature on the start-up
behavior focuses on the rotor bar design using 2D FEM, therefore ignoring the end-rings
in their calculations and assuming ideally short-circuited rotor bars [28], [30], [31], [36],
[37], [40], [43], [51]. This might be valid for optimization studies, where different (rotor)
geometries are compared to each other. The assumption that the end-ring’s influence on
the asynchronous behavior is the same for every geometry seems reasonable regarding the
possible savings in the already critical computing times.

As soon as the real start-up behavior is to be simulated and the results are compared
to measurements, however, it loses validity. The end-ring will always increase the to-
tal rotor resistance and therefore decrease asynchronous torque near synchronous speed.
This means that not taking the rings into account will overestimate the synchronization
capability.

Apart from the above-mentioned design studies, there are a few studies that intro-
duce dq models which include the total rotor resistance of each axis [29], [48], [49], [51].
However, there is no comment on how to obtain the total resistance that includes the
end-ring.

The only known study on modern LSSynRM that couples a rotor circuit to the 2D
FE model and provides insight on the end-ring resistance calculation is presented in [39].
Here, an analytical approach known from induction machines is used to compute the



resistance for one slot pitch, which is assumed to be the same for each pair of rotor bars.
Yet, as the geometry of each bar differs, this will lead to inaccurate results for more
complex cage geometries.

Furthermore, a value for the ring resistance is specified in [59]. However, this is
calculated analytically and set to the same value for each rotor loop. As this does not
reflect the real end ring, which is unsymmetrical, the simulation results may not be reliable
as well.

Overall, the lack of appropriate models in all aforementioned studies highlights the
need for a versatile model that can be adapted to any rotor cage geometry.

From all the studies reviewed, it is evident that there is still need for improvement
in the existing models to be able to simulate the start-up of Line-Start Synchronous Re-
luctance Machines in a reliable and fast manner. Finite Element models are incomplete
because they ignore the complexity of the full rotor cage, including its end rings. Fur-
thermore, the computing time is still too high for the application in the design process.
Giidelhofer [54], [55] has created a good basis for parameter models, but there is still need
for improvement for LSSynRM in general and modern geometries in particular.

1.2 Aims of this work

As a result, this work aims to eliminate the mentioned weaknesses in existing Finite
Element models and numerical parameter models in order to drive the further development
of highly efficient Line-Start Synchronous Reluctance Machines. This is intended to have
reliable tools at hand for different stages in the design process that deliver reliable results
while taking into account the given requirements. Both the simulation of the start-up
of standard designs and new types of LSSynRM should be able to be simulated either
precisely or particularly fast using these methods. The thesis takes the form of five
chapters.

Firstly, a closer look is taken at the start-up process in Chapter 2. An introduction
to the system to be modeled and an insight into the challenges to be faced form the basis
for a more detailed discussion in the following chapters.

In Chapter 3, a Finite Element model is developed to provide a reference related
to the real behavior of LSSynRM. The weaknesses in current models regarding their
comparability with measurements are worked out so that, in theory, this model can serve
as a reference without the need for measurements in large parts of a motor design process
or to validate other models. Special attention will also be paid to the calculation and the
importance of accurate end-ring parameters, which tend to be neglected in most of the
studies. Furthermore, the validation with measurements is carried out carefully with all
suitable types of tests to be sure that it is successful and that potential weaknesses of the
model are known.

In Chapter 4, a fast numerical parameter model will be derived based on the one
presented by Giidelhofer [54], [55]. This way, time-consuming FE studies are replaced by
a model in which an analytical system of equations is derived. The parameters required
in the model are calculated using 2D magnetostatic FEM. In practice, this is significantly
more time-efficient than solving a transient FE model. In contrast to dq models, the
approach of a phase domain model will also include geometry-induced space harmonics and
therefore lead to more accurate results. Particular attention is paid to the consideration
of saturation and the skin effect for non-standard rotor cage geometries. Both effects are



Aims of this work 9

the most critical for achieving sufficient accuracy for start-up simulations, and have not
been correctly considered so far. The model will then be validated with FEM as well
as with measurements. Even though previous publications of the author could already
prove the validity of the single methods [A2]-[A4], a comprehensive validation including
measurements is still pending and will be carried out in this chapter.

In conclusion, this thesis aims to contribute to the growing area of research into Line-
Start Synchronous Reluctance Machines by providing two different models focusing on
the critical start-up process. Depending on the engineer’s aim, either a slow but precise
FE model or a fast and slightly less accurate numerical parameter model can be chosen.
Focusing on key effects in each model and clarifying their benefits and limitations will
help to improve the design process and its many challenges.

It is, however, not the task of this thesis to study LSSynRM technology itself. Based
on numerous promising studies as presented above, the author is convinced that LSSynRM
can be a sustainable and efficient replacement for induction machines under certain con-
ditions. The presented models and methods may help to work out these conditions and
widen the area of applications that the LSSynRM will be suited for in the future. Nonethe-
less, a full discussion of how to optimize the start-up lies beyond the scope of this disser-
tation.






Chapter 2

Theoretical Background

The purpose of this chapter is to introduce the start-up process, its challenges and the
requirements for a simulation model. Firstly, an overview of the system to be modelled
will be given to clarify the important global parameters. Secondly, the three different
phases of a start-up process as well as the characterization of the start-up performance of
a Line-Start Synchronous Reluctance Machine are explained. Thirdly, the requirements
for a suited simulation model are discussed. Finally, the relation between the coordinate
systems used in this work is illustrated.

2.1 System overview

To develop an accurate and well-suited simulation model, first the system that has to be
modelled needs to be defined. A simplified overview is shown in Figure 2.1.

The Line-Start Synchronous Reluctance Machine is directly connected to the grid,
which provides a three-phase AC system, usually with a voltage of 400 V at a frequency
of 50 Hz. However, any other AC voltage supply is possible to model.

By converting the electric energy provided by the grid into mechanical energy (that
is, producing electromagnetic torque Ty), different types of loads with different charac-
teristics can be driven. For fans and pumps, which are the most frequently discussed
applications for LSSynRM, the load torque Ti,.q typically increases with increasing speed
n. Here, Tj,nq mainly consists of the ventilation torque as well as the friction torque due
to bearings. The total moment of inertia Ji,; of the drive is fixed. Depending on the
application, however, further load torques even with time- or speed-dependent profiles
could be applied and should also be considered when investigating the machine’s start-up
behavior.
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Grid

LSSynRM C 1

Figure 2.1: Overview of the system that has to be modelled. The LSSynRM is fed by a
three-phase grid at a fixed frequency and drives a load.

2.2 The start-up process

2.2.1 Steady-state behavior

Before proceeding to examine the transient start-up process, it would be useful at this
stage to consider the steady-state representation of a Line-Start Synchronous Reluctance
Machine to understand its behavior. By pointing out its similarities and differences com-
pared to an Induction Machine, it will then be more clear which challenges have to be
faced.

Figure 2.2 shows the idealized steady-state fundamental torque versus speed curve
(solid red line) as presented in [60]. In general, the curve resembles that of an Induction
Machine over a large area. The theory is briefly introduced in the following [61], [62].

If the motor is at a standstill and the voltage at the terminals is switched on, currents
flow in the stator winding. As the coils of the individual phases are distributed around the
stator according to the phase shift of the voltages, a rotating magnetic field of frequency
fs is created, whereby the index s stands for stator. This field induces electromotive forces
(EMFs) in the stator phases themselves because it rotates relative to the stator coils, and
the individual flux linkages of the coils therefore vary over time.

In addition, as the stator field rotates around the rotor, it also induces EMFs in the
electrically conductive rotor cage. This causes so-called eddy currents to flow that always
form closed loops, which themselves create a magnetic field. According to Lenz’s Law,
the eddy currents flow in such a way that their generated magnetic field counteracts their
cause (the magnetic field of the stator).

Regarding the rotational speed of both magnetic fields, it is to mention that the
fundamental of the rotating stator field always causes the fundamental of the rotor field
to rotate with the same speed. If this speed is defined as synchronous speed ng, then the
following expression for the slip is obtained:

n
s=1——. 2.1
- 2.)
Hence, at standstill the slip equals 1, which means that the rotor frequency is equal to
the stator frequency:

fr=sfs (2.2)
Furthermore, it would follow from Lenz’s law that, ideally, the induced rotor field is

phase-shifted by 180° in relation to the generating stator field. However, as the rotor cage
has a finite electrical resistance, the phase shift is decreased. This means that the magnetic



The start-up process 13

poles of both fields are also shifted against each other, which produces an electromagnetic
torque that causes the rotor to start to rotate. The greater the rotor resistance, the
greater the phase shift and therefore the greater the torque, which is called locked rotor
torque at s = 1.

With increasing speed, the rotor frequency will now adapt according to the decreasing
slip (2.2). The fundamentals of the stator and rotor magnetic fields continue to have the
same speed. Hence, their interaction still produces asynchronous torque. This fundamen-
tal torque usually increases with increasing speed until it reaches the breakdown torque, of
which the value and the corresponding slip differ for each motor. Subsequently, the cage
torque will successively decrease until it finally reaches zero at s = 0 because the rotor
speed is then synchronized to the stator magnetic field (f, = 0) and no more EMFs are
induced into the rotor cage (dotted red line).

breakdown
torque

locked
rotor

ll-out
torque put-ou

torque

Torque—

AN

pull-up
torque

Speed—
+Slip

Figure 2.2: Idealized steady-state torque versus speed curve of a Line-Start Synchronous
Reluctance Machine [60].

While an Induction Machine would operate at a remaining slip where it can provide
the required load torque, the Line-Start Synchronous Reluctance Machine now enters the
synchronization area. More precisely, because of its anisotropy, the rotor constantly tries
to align with the stator magnetic field and therefore produces a further torque component,
the so-called reluctance torque (or reaction torque). It is obvious that the anisotropy is
coupled to the rotor speed, which means that the reluctance torque is a pulsating torque
component of which the mean value is zero for s > 0. The frequency of the torque
oscillation results from the relative speed of the stator field to the rotor to 2f,. The factor
2 is because both the d and q axes are aligned with the stator field twice for each full
revolution.

However, when the slip now gets close to zero, the kinetic energy needed to overcome
the remaining speed difference ng — n = ng may be provided by the electromagnetic
torque of the motor. This means that T, — Tj,.q must be positive and Ji; small enough
so that the rotor can overcome the speed difference in half a torque cycle [56]. This is a
dynamic process which starts from the point where the solid red line and the dotted red
line separate in Figure 2.2.

As mentioned before, the rotor cage is inactive once the synchronous speed ng is
reached, which means that the motor only provides synchronous torque (solid black line)
that for LSSynRM exclusively consists of reluctance torque. The motor will hence stay in
synchronous operation as long as the total load torque is lower than the pull-out torque,
which is the maximum value of the reluctance torque at s = 0. However, it is also
possible that the motor cannot synchronize because the reluctance torque is too small
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to provide enough energy to accelerate the rotor to overcome the speed difference. The
motor will then remain in asynchronous operation, oscillating around a mean speed due
to the pulsating reluctance torque component.

In addition to the fundamental torque components, a Line-Start Synchronous Reluc-
tance Machine also has parasitic torque components that have to be considered. They
can again be classified into rotor cage and reluctance torque components. Generally, most
of the parasitic torque components coming from the interaction of the stator field with
the rotor cage are the same as known from standard Induction Machines [63], [64].

A further difference to standard Induction Machines can be observed due to unsym-
metrical rotor cages, which are typical for modern LSSynRM designs (cf. Figure 1.3 ¢
and d). The effect is already known from large salient-pole Synchronous Machines, of
which the start-up is ensured by a rotor cage as well. If the resistances of the rotor’s d-
and g-axes differs, an alternating magnetic field is generated relative to the rotor winding
[34]. This alternating field can be split into two rotating fields in opposite directions.

One of these components has the same frequency as the stator field and therefore in-
teracts with the stator fundamental field. The other component has a resulting frequency
(1 — 2s)f;. For this, the stator winding behaves similarly to a cage, as the phases are
short-circuited via the grid due to its much lower impedance. Since the synchronous speed
of this component is at s = 0.5 [34], [35], it creates an accelerating torque for s > 0.5
and a braking torque for s < 0.5. For the torque-speed-curve, this typically results in an
observable torque dip at s = 0.5 [33], [40], which is known as Goerges’ phenomenon [32].
It can be more or less pronounced, depending on the rotor cage geometry.

Moreover, as pointed out in [35], both the unsymmetrical rotor cage and the anisotropy
of the rotor itself can create these harmonic air gap field components. Therefore, it has
to be considered that the real torque-speed-curve will differ from the idealized description
in literature.

2.2.2 Transient behavior

Having described the steady-state start-up behavior, the following section will explain
the dynamic start-up process. Figure 2.3 displays the torque versus speed function of
a transient start-up simulation from FEM. Here, a successful (left) and an unsuccessful
start-up (right) were compared. Higher torque harmonics have been filtered to improve
visualization.

What is immediately noticeable is that the torque curve now shows pronounced os-
cillations around the average asynchronous torque. This comes from both, the rotor cage
torque and the reluctance torque, as has been described in the previous section. While
both simulations look similar for a wide range, there are significant differences near the
synchronous speed ng. In the first case (Figure 2.3 left), the synchronization is observable
as a circulating function converging to the point of synchronous speed and approximately
zero torque (dashed gray line). In the case of an unsuccessful synchronization (right), the
torque remains in a state that circulates with the same radius and never converges. The
speed is always smaller than the synchronous speed.
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Torque—
Torque—

Speed— no Speed— no

Figure 2.3: Comparison of transient torque versus speed curves of a 2-pole Line-Start
Synchronous Reluctance Machine from time-stepping Finite Element Analyses that result
in a successful (left) and an unsuccessful synchronization (right). The dashed gray line
indicates zero torque. In both cases, the highest torque harmonics are filtered for better
illustration.

To develop a more profound understanding of the synchronization process, the speed
versus time curves of both start-ups are now discussed (Figure 2.4). At first, when the
voltage is switched on, the rotor accelerates from standstill to synchronous speed (phase
A). This acceleration is provided by the asynchronous torque, as described for the steady-
state case. This means that the problems to solve for modelling this phase will remain
quite similar to modelling Induction Machines. However, the geometry of Line-Start Syn-
chronous Reluctance Machines is often far more complex than the one from an Induction
Machine (cf. Figure 1.3). There is, on the one hand, the additional anisotropy in the rotor
and on the other hand, the varying conductor design of modern Line-Start Synchronous
Reluctance Machines that can greatly differ from symmetrically distributed Induction
Machine rotor bars. These reasons further complicate the modelling process.

successful synchronization unsuccessful synchronization
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Figure 2.4: Speed versus time curves from measurements of a successful (left) and un-
successful (right) start-up of a Line-Start Synchronous Reluctance Machine (corresponds
to Figure 2.3). Phase A is the acceleration phase, phase B is the synchronization phase
and phase C is the steady-state operation.

After accelerating to almost synchronous speed, the frequency of the pulsating reluc-
tance torque component is very low because s is small. Now, the rotor has to synchronize
or pull into step (phase B), which means that the reluctance torque has to accelerate the
rotor to overcome the speed difference of the stator field and the rotor during one half of
a torque cycle. This synchronization is a dynamic process as well.

Once the motor reached synchronous speed and all transients have disappeared, the
rotor is in steady state (phase C). Here, the rotor cage only acts as a damper winding.
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The synchronous torque is only provided by the anisotropy, that is, the reluctance torque.

If the motor cannot synchronize, phase B is never left and the motor reaches a quasi-
steady state (Figure 2.4 right). Here, it is clearly observable that the speed oscillates
around a mean value, which is defined by the steady-state torque versus speed behavior.
The frequency of the oscillation equals twice the slip frequency for the given average
torque.

The quantity describing whether the motor can pull into step or not is the critical
load torque T.;. This is not fixed but depends on the total moment of inertia Ji; of
the rotating shaft. The result is therefore a characteristic curve for Tiiy = f(Jot), as
presented in Figure 2.5.

The function itself has to be estimated by evaluating the start-up process for different
combinations of load torque and inertia. The limit is then found in the interval between
a successful (o) and an unsuccessful (x) start-up. If this characteristic curve for a given
voltage is known, the engineer can decide if the motor is suitable for a specified application.

X

unsuccessful
synchronization
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successful
synchronization
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Critical Load Torque—
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Moment of Inertia—

Figure 2.5: Critical load torque versus total moment of inertia for a Line-Start Syn-
chronous Reluctance Machine. All load torque-inertia combinations below the curve can
be synchronized by the studied motor. o marks a successful and x an unsuccessful start-up
observed in simulations/measurements, which are needed to approximate the limit curve.

In conclusion, numerous evaluations have to be carried out to approximate this char-
acteristic curve for a single motor. A suited model for this evaluation therefore has to
be fast but also precise concerning the resulting values. Otherwise, the task of selecting
a suited motor for an application cannot be done reliably. Hence, the next section will
briefly describe the requirements for a simulation model.

2.3 Requirements for a start-up simulation model

The aim of a machine model is to simulate the machine behavior for the specified in-
put parameters, that is, phase voltage, frequency, load torque and moment of inertia.
Depending on the type and the complexity of the model, the outputs (current, torque,
speed, etc.) will be more or less close to the real machine behavior which can be studied
with measurements.

For the simulation of the start-up of a Line-Start Synchronous Reluctance Machine,
a model has to consist of two subsystems: electromagnetic (voltage equations) and me-
chanical (equation of motion). The former provides the outputs of the electromagnetic
quantities such as current, flux linkage, torque, etc. The latter describes the mechanical
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behavior of the system, that is, the rotor position and speed. It is obvious that these
two systems are coupled because the electromagnetic system depends on the outputs of
the mechanical system and vice versa. The main quantity that couples both systems
is the electromagnetic torque produced by the rotor. It is the resulting quantity of the
conversion of electrical energy provided by the grid into mechanical energy which drives
the load of the application. Therefore, a particular interest of a suited model for the aim
of this work lies in the accurate modelling of the torque.

2.4 Relation between the different coordinate systems

As already mentioned in the introduction, the dq coordinate system is often used for the
calculation or description of synchronous motors. It transforms the three-phase, static
stator coordinate system (abc) into a two-phase, rotating rotor coordinate system (dq).
Even though the abc coordinate system is the basis for deriving the models in this thesis,
the dq coordinate system will be used for explanations and derivations as well.

Hence, Figure 2.6 displays the relation between both coordinate systems. The axes
of the coils a, b and ¢ are marked with dashed arrows. Here, the axis of coil a lies in the
center of the first coil group of the first phase. The rotor angle ¢, is defined as zero if the
d-axis is aligned with axis a.

Figure 2.6: Definition and relation between the used abc and dq0 coordinate systems in
this work. A current space vector of magnitude I and angle « is shown as an example.

Moreover, a stator current space vector has been drawn in the diagram as an example.
This always refers to the dq0 coordinate system. It is described by its magnitude I and
the angle to the d-axis . The latter is referred to as current angle in the following. Other
space vectors, such as flux linkage, will also be described in this way.

In Line-Start Synchronous Reluctance Machines, the d-axis is always defined as the
axis with the highest permeance, that is, the iron axis between two poles with flux barriers.
In contrast, the g-axis defines the axis orthogonal to the center of the flux barriers. It is
hence at an angle of 901 or 90°mech/p to the d-axis.






Chapter 3

Finite Element Model

3.1 Introduction

The Finite Element Method (FEM) is the most used method when it comes to precise
modelling of physical problems since it can provide very accurate results no matter the
complexity of the problem. The main principle is based on partial differential equations
(PDEs) which are solved for a finite number of elements which represent the model ge-
ometry. The domain’s boundaries have additional boundary conditions which define the
properties of the element boundaries not connected to other elements. For the study of
electric machines, mostly two-dimensional (2D) but also three-dimensional (3D) FEM is
applied.

A well-derived and validated Finite Element model can accurately predict a motor’s
performance, while also being able to provide insights on the electromagnetic circuit. In
practice, this means that important steps in the development process can be replaced by
simulations before another prototype has to be built and measured. Reliable simulation
results can be obtained, especially for designs that are similar to the validated prototype.
To achieve this aim for the simulation of Line-Start Synchronous Reluctance Machine
start-ups, this chapter proposes an accurate two-dimensional model. It then also serves
as a reference for the numerical parameter model.

The chapter starts by introducing three different prototypes that have been designed
and manufactured to serve as test objects for the introduced models. Section 3.3 then
derives the two-dimensional model, whereby the materials and the mesh generation re-
ceive special attention. To represent the windings, Sections 3.4 and 3.5 introduce electric
circuits that account for the three-phase stator winding and the rotor cage, respectively.
As stated in Section 1.2, this also includes a new 3D Finite Element-based model for non-
standard rotor cage geometries. After presenting the used methods for torque calculation
in the equation of motion (Section 3.6) and consideration of skewing (Section 3.7), the
chapter gives advice on a fast and reliable solution of the time-dependent study (Section
3.8). It then moves on to an extensive experimental validation of the proposed model in
Section 3.9, including different modes of operation. Lastly, it closes with a conclusion on
the presented results.

Note: All Finite Element models in this work are implemented with COMSOL Multi-
physics®) (version 5.6) [65].
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3.2 Investigated motors

Before proceeding to introduce the Finite Element model, it is important to choose mul-
tiple motors for it to be tested and to be studied in detail. The most suitable motors for
this purpose are those that are not optimized in terms of their operating behavior. This
means that fairly pronounced parasitic effects and poor start-up behavior are intentional.
This is the only way to ensure that the models can reliably represent all aspects of oper-
ating behavior, no matter the geometry. In addition, certain effects should become visible
through the choice of motors.

Hence, three motors that serve this purpose are presented in this section. They are
used throughout the whole thesis. All three motors are based on a specially designed
Induction Machine (IM) which is optimized for spindle applications at speeds around
9000 1/min. The higher frequency is provided by an inverter feeding multiple machines,
meaning they all have to be able to start by themselves. Furthermore, the machine is
embedded in a totally enclosed non-ventilated (TENV) housing because it is externally
cooled by its designated application.

The first motor to be introduced is Motor I. It has the same stator and rotor core
as the Induction Machine. Two additional flux barriers per pole in the rotor core, which
were introduced into the completely manufactured rotor below the cage by wire erosion,
create an anisotropy. Its geometry, as well as the important data, is shown in Figure 3.1.
The full geometries of all three motors and their dimensions are given in the Appendix
A. Even though this work focuses on new designs of LSSynRM with conductive material
filled in the flux barriers, this basic design with a standard squirrel cage will provide a
good example for explaining different aspects of the model. It makes it also possible to
compare the results and the accuracy when moving from this standard geometry to newer
ones.

Parameter Value
Outer stator diameter D, 135 mm
Inner stator diameter D; 80 mm
Core length le 40 mm
Air-Gap width g 0.42 mm
Number of stator slots 73 36
Number of phases m 3

Number of poles 2p 2

Nlllmber of turns of a N 15

coil

ita;gg Cphabe resistance Ryn 4149
Electrical steel M250-35A
Rotor cage material Aluminum

Figure 3.1: Geometry and important data of Motor I.

Apart from the flux barriers, it is worth mentioning that this motor and all others
to be presented have a rotor cage made of aluminum, which is obtained by die-casting.
Furthermore, it can be highlighted that the stator geometry, which is a IEC90 standard
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lamination (originally for a 4-pole motor), has been used for all other motors as well. Due
to its designated application at high frequencies (e.g., 150 Hz fixed), the used material is
M250-35A to reduce iron losses.

The second motor is also a 2-pole LSSynRM but with a completely redesigned laser-
cut rotor core (Motor II, Figure 3.2). As stated in the Introduction, the best operating
behavior regarding high efficiency at steady state can be achieved by designing a SynRM
rotor and then filling the flux barriers with conductive material and adding end rings to
obtain a rotor cage that provides asynchronous torque for line start. However, as stated
at the beginning of the section, the motor should not be optimized, which is why the
design is poor in terms of Ly/L, ratio and torque ripple.

Parameter Value
Outer stator diameter D, 135 mm
Inner stator diameter D; 80 mm
le
Og

Core length 40 mm

Air-Gap width 0.42 mm

Number of stator slots 23 36

Number of phases m 3

Number of poles 2p 2

Nlllmber of turns of a N A5

coil

isa;(())g Cphase resistance Ryn 4149

Electrical steel stator M250-35A
rotor M800-50A

Rotor cage material Aluminum

Figure 3.2: Geometry and important data of Motor II.

The three barriers per pole are all divided by iron bridges in the middle, whereby
the innermost one has two separated bridges that are placed so that the aluminum filled
area ends at the inner radius of the ring (leaving air in between both bridges). Both
other flux barriers (the two outermost) are completely filled with aluminum. The ring
geometry differs from Motor I because a different casting mold had to be used. The areas
filled with aluminum and the area covered by the end ring are illustrated in Figure 3.4
for all motors at the end of this section. Furthermore, as is known for SynRMs, the
rotor surface is smooth due to the placement of the mandatory iron bridges providing
mechanical stability for the rotor core at its outer diameter.

Figure 3.3 shows Motor III, which is a 4-pole version. This means that it also has
a different stator winding compared to the 2-pole designs that is, however, placed in a
stator core of the same geometry. Its rotor has four barriers per pole, where the innermost
also has two separated iron bridges in the middle with air in between. The three other
barriers only have bridges at the rotor outer radius.

All parameters given in the tables in Figures 3.1 to 3.3 are mainly fixed geometry
parameters except for the stator resistance, which has been measured. All other necessary
parameters are initially unknown and therefore will be calculated in the course of this
chapter. Whenever any parameter of the motor is varied, it will be mentioned in the text.
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Parameter Value
Outer stator diameter D, 135 mm
Inner stator diameter D; 80 mm

Core length le 40 mm

Air-Gap width g 0.42 mm

Number of stator slots 73 36

Number of phases m 3

Number of poles 2p 4

Nl.lmber of turns of a N 49

coil

ita;(())j Cphase resistance Ryn 2230

Electrical steel stator M250-35A
rotor MS800-50A

Rotor cage material Aluminum

Figure 3.3: Geometry and important data of Motor III.

(b) Motor 1T

Motor 11
Motor III

Motor I

(d) simplified axial cross-section of the rotor geom-
(c) Motor III etry

Figure 3.4: Geometry of the rotor cages for Motor I, Motor II, and Motor III. The rotor
bars are colored orange, while the area covered by the end ring is depicted in a lighter
orange. The cross-sectional area of the respective end rings is indicated in (d).
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3.3 Two-dimensional Finite Element model

In this section, the two-dimensional Finite Element model will be derived successively.
Starting from the underlying equations, the boundary conditions, the rules for meshing,
and the material modelling will be briefly explained.

3.3.1 Equations

Starting from Maxwell’s first equation in the differential form

- - - 9D

VxH=J+— 3.1
the frequencies in the motor are assumed to be low enough so that the last term can be
neglected. In

VxH=1J (3.2)
the magnetic field strength H can also be replaced by transforming
B =uH. (3.3)

Since the magnetic flux density B can be represented by a magnetic vector potential A
with

—

VxA=8 (3.4)

Equation (3.1) yields:
V x (u‘l (6 X ff)) =J. (3.5)
All magnetic materials used in the machine are considered fully isotropic (in the zy-plane),

so the magnetic permeability pu can be expressed as a scalar p. Furthermore, the current
density vector J is a sum of all possible current sources:

- - A L
J=—-kVp— /iaa—t + kB + Je. (3.6)

Here, the first term represents current flow due to an electric field E which is replaced
with the electric scalar potential

E=—-Ve. (3.7)

The time derivative of A in the second term represents the electromagnetic induction.
In addition, the last two terms can account for any electric fields or currents that are
impressed externally.

By substituting the current components in Equation (3.5) and sorting all terms with
unknowns, that is, A and @, on the left-hand side the final equation to be solved is
obtained:

— ]- = = @A’ = — —
V x (; (V X A)) +/<;E—|—/<;V<p—/<oEe—|—Je. (3.8)
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3.3.2 Boundary conditions and symmetries

To solve the model, boundary conditions have to be set that only allow for a single
solution. The first one is the Dirichlet boundary condition at the outer boundaries of the
domain. This specifies that no flux can leave the model domain by forcing the normal

vector of the flux density to zero:
n-B=0, (3.9)

which means that the magnetic vector potential A on this boundary is constant according
to Equation (3.4).

To accelerate the model, the size of the equation system can then be reduced dras-
tically by applying antiperiodic boundary conditions to the pole-symmetric motor. This
means that by knowing that the vector potential on one boundary is the negative vector
potential of the corresponding boundary with

—

Aoy = — Aright, (3.10)

only one pole of the motor has to be modelled. This results in a so-called sector model.
The boundary conditions for the four-pole motor are illustrated in Figure 3.5.

Dirichlet

antiperiodic
(stator)

antiperiodic
(stator)

antiperiodic

(air gap) ~ antiperiodic

(air gap)
antiperiodic
(rotor)

antiperiodic
(rotor)

Figure 3.5: Definition of Dirichlet boundaries and antiperiodic boundaries for the sector
model.

Here, it is shown in addition that the antiperiodic boundary condition is also applied
to the air gap boundary that divides stator and rotor at half the air-gap width. It is a
combination of the sliding surface method to account for rotation of the rotor with the
boundary condition to account for symmetry. This method is usually available per default
in commonly used FEM software.

3.3.3 Materials

Apart from linear materials, like air and aluminum, of which the properties are constants,
also the non-linear magnetic behavior of the stator and rotor laminations has to be con-
sidered. This is done by defining the B(H)-curve for the respective steel type, which is
provided by the manufacturer.
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It is known, however, that this data usually does not fit the real behavior of electric
machine cores because the cutting process as well as other steps during the manufacturing
procedure deteriorate the magnetic properties [66]-[68|. Especially for machines of small
frame sizes, simulations of saturated states tend to differ from comparative measurements.
Therefore, it is recommended to adjust the material data beforehand.

All the machines discussed in this work have been developed starting from the same
Induction Machine (IM). Since for this machine plenty of measurements have been carried
out in the past, its magnetic behavior is well-known. Because the stator core of each
LSSynRM is identical to the Induction Machine, it is fair to assume that using a material
curve adapted to the Induction Machine will provide good results. The original B(H)-
curve for M250-35A provided by the manufacturer and the modified curve are shown in
Figure 3.6.
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Figure 3.6: Interpolated non-linear B(H)-curve for M250-35A from manufacturer and
modified curve.

It can be observed that there is a difference, especially for the area below a flux density
of 1.8 T. This will result in a reduced permeability u compared to the original material
data. However, when the material is saturated, both the original and the modified data
converge to the same curve, which eventually has the slope .

For the rotors of both other motors, Motor II and Motor III, a different steel grade
has been used (M800-50A). Hence, there are no measurements for the IM with this
material. Furthermore, the rotor geometry of both motors is more complex than those of
Induction Machine rotors, which means that there are more edges that are influenced by
the manufacturing process. Nevertheless, it is recommended to use any material data that
has been adapted to motors of a similar size. In this way, the influence on the magnetic
properties can still be taken into account up to a certain point. It is assumed that the
result will therefore be closer to reality than with the original material data.

From this point, no further adjustments of the motors’ material data have been made
in this work.

3.3.4 Mesh generation

One of the most important steps for an accurate and fast calculation is the generation of
the mesh. On the one hand, the size of the finite elements defines the accuracy of the
field solution in the corresponding areas. A fine mesh consisting of many small elements
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can therefore approximate the exact field solution better than a coarse mesh consisting
of fewer large elements. On the other hand, the number of elements also determines the
number of unknowns to be solved and therefore the calculation time. A finer mesh results
in a larger system of equations that has to be solved. Thus, a compromise must be found
between both aspects.

This objective implies the following recommendations that should be taken into ac-
count when generating the mesh: Firstly, the mesh should only be finely discretized where
this will actually lead to a better accuracy of the solution. Secondly, the order of the fi-
nite elements should be as small as possible (preferably linear elements). Finally, adaptive
mesh refinement is to be avoided because it takes more time and does not lead to satisfac-
tory results for rotating electrical machines in many generalist FEM software tools. The
application of these guidelines to the 2D modeling of Line-Start Synchronous Reluctance
Machines is explained below.

In the case of transient electromagnetic (“magnetodynamic”) problems, areas with
high magnetic energy (density) are of particular interest. Hence, in domains where this
energy Wy, changes the most, the mesh should be discretized more finely in order to
approximate the field quantities correctly. Since

1
W, o —B?
1

applies, the magnetic energy in iron, where p, > 1, is usually lower than in air, copper
and aluminum regions, where p, = 1. These are therefore the most important areas.

Another important parameter is the element order, that is, the order of the polynomial
functions, which approximate the potential and hence the resulting electromagnetic quan-
tities in each finite element [69]. Due to the variable adaptation to complex geometries,
triangular finite elements are usually defined in 2D problems. If the potential to be solved
is approximated with linear functions, each element has three nodes. The resulting field
quantities, such as the magnetic flux density (see Equation (3.4)), are therefore constant
for the entire element. In contrast, a finite element of quadratic order would require six
nodes, whereby the field quantities change linearly within the element.

Therefore, for a simple geometry, either a finer mesh of linear elements or a coarser
mesh of quadratic (or higher order) elements could achieve a similar accuracy. Since the
number of unknowns is similar in both cases, the choice of order would be irrelevant for
the calculation time in this case if the mesh is adapted accordingly.

In complex geometries such as the LSSynRM, however, a very fine mesh is enforced in
many areas by default. The gain in accuracy for higher-order elements in this case is often
negligible, while the computing time increases considerably. It is therefore recommended
to generate a mesh exclusively from linear finite elements, which is only finer in areas with
e = 1.

Starting with the air gap, it is divided at half its radius into a stator air gap and a
rotor air gap to be able to account for rotation of the rotor. Each air gap layer is now
discretized so that there are two elements per layer in radial direction. This means that
four elements are counted from the stator inner diameter to the rotor outer diameter.
The accuracy of this mesh is comparable to one with two quadratic finite elements in the
radial direction.

Furthermore, to account for skin effect, the mesh in conductive areas has to be fine
as well. Because the resulting air gap mesh is already fine, the conductive areas near it
will usually be discretized fine enough as well. A good indicator for the quality of the
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generated mesh in the conductors can be the skin depth as described for a Finite Difference
model in [70], where two to three elements per skin depth are considered accurate.

For machines with electrically insulated laminations, the iron domains are not con-
ductive and therefore do not require a fine mesh at the surface. If the iron losses are to be
calculated in these areas, there are numerous models in the literature 71|, [72], of which
one has already been applied to LSSynRMs in [S1|. However, iron losses are neglected in
this thesis.

To account for flux that leaves the stator core of the machine when its yoke is highly
saturated, an air domain is added. Since the flux density is usually very low, this area
does not need to be discretized as finely. The final mesh for Motor III is shown in Figure
3.7 as an example.
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(a) full model with mesh (b) air gap mesh

Figure 3.7: Finite Element mesh for Motor III considering the instructions given in this
section. The full mesh is shown on the left, a close up on the air gap on the right.

By experience, a well-defined mesh like this can provide satisfactory results with linear
finite elements and without adaptive mesh refinement. The remaining difference that can
occur compared to quadratic elements and a refined mesh is usually much smaller than
the error between both results and the real measurement.

After deriving the system of equations, setting the boundary conditions, defining the
materials, and creating a mesh, the 2D model is now complete. The next step is to take
both the stator and rotor windings into account.
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3.4 Stator winding

As shown in the schematic in Figure 2.1, the machine is always connected to the grid,
which means the line-to-line voltage is the known parameter for the simulation. However,
the 2D FE-model requires currents to be inserted into the equations. Therefore, the
electrical circuit of the stator windings has to be taken into account. To this end, many
Finite Element software tools provide the opportunity to couple external electrical circuits
consisting of lumped elements to the respective model. The derivation and implementation
of the circuit as done in this work is presented in the following.

In general, the full voltage equation of the k-th phase with £ = 1,2, 3 can be written
as:

, d
uk(t) = RpthZk —|— E@/)k (311)

Here, uy is the phase voltage, ix the phase current and R,k the total resistance of the
k-th phase. The flux linkage 1, consists of various main flux and leakage flux components,
most of which are contained in the 2D model.

However, this does not apply to the flux in both end regions of the machine. On the
one hand, there is an air gap flux component that does not lie exactly under the stator
and rotor, but flows over the end region outside the iron core. However, this is usually
negligible if, as in this case, the air-gap width J, is much smaller than the iron length [, of
the machine [35]. On the other hand, the end winding produces leakage flux 1) in the
end regions. This can be considered in the 2D model by introducing end winding leakage
inductances L. estimated from leakage factors [73].

Hence, separating the flux linkage in Equation (3.11) into the FEM-included compo-
nent Yrpm k and the one represented by the end winding leakage inductance Ly yields:

. d . d
uk(t) = Rpncis + Loej ik + e (3.12)

dt
From this, the equivalent circuit for all three stator phases can now be constructed.
Because all motors in this work are equipped with star-connected stator windings, the
circuit is built as shown in Figure 3.8.
Here, it is to mention that the term for the time-derivative of the flux linkage ¥rem

has been replaced with the EMF

d
e = —&¢FEM,1<; (3.13)

as defined in Appendix B. Furthermore, instead of the phase voltages w1, us, us, the line-to-
line voltages 112 and usg are known. These voltages fed by the grid are considered as ideally
sinusoidal. If the measured voltages differ too much, however, it is also possible to provide
approximated functions, that consider voltage harmonics. Moreover, the impedance of the
grid is neglected, as it is usually much smaller than the winding impedances of motors of
the same output power and frame size as in this thesis.
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Figure 3.8: Equivalent electrical circuit for the three-phase stator winding in star con-
nection.

3.5 Rotor cage

For every kind of line-start motor, the rotor cage is a crucial part. Due to the stator
magnetic field rotating around the rotor with a slip frequency of sfs, an electromotive
force is induced into each rotor bar, causing currents to flow that are short-circuited by
end-rings on both sides of the rotor. These currents create a magnetic field as well, which,
together with the stator magnetic field, produces asynchronous torque that accelerates
the rotor from standstill to synchronous speed.

The electromagnetic induction that causes currents to flow in the rotor bars is already
considered for in the 2D model presented in Section 3.3 (Equation (3.8)). Due to the model
being two-dimensional, however, the end-rings do not appear in the model yet. Therefore,
a method has to be found, which takes the effects into account that are caused by the
end-rings.

The model presented in this section has already been published in [A5]. Starting
from a well-known analytical method for Induction Machines, a 3D FE-assisted approach
is derived to be able to handle every possible cage geometry. To clarify the method and for
better illustration, the procedure for a standard squirrel cage (as for Motor I) is described
and validated as well.

3.5.1 Analytical method

Figure 3.9 shows a simplified rotor cage with the geometric end ring parameters. While
the geometry of the rotor bars is arbitrary, usually the end-ring is shaped as a short
hollow cylinder. For manufacturing reasons, the end-ring of die-cast squirrel cages is
slightly conical, meaning that the radial width wg at the contact surface of bars and ring
is greater than at its end.

The general approach for modelling the end-rings of such squirrel cages in transient
2D FE models is adapted from [74], where resistors for the bar ends R}, protruding from
the iron core on both sides are connected to the bars. Fach of these resistors is then
connected to its neighbor by one resistor Rg and inductance Lg in series.

Following [70], it is further assumed that the inductance of the bar ends is included
in the ring elements. The inductance of the ring elements Ly themselves are estimated
by empirical formulas as known for Induction Machines [73], [75]. Due to the complexity
of the rotor cage and the need for a full 3D model of the motor’s end region to calculate
the inductances [76], the effort is not worth the result. This means that both end winding
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end rings —

Figure 3.9: Simplified geometry of a squirrel cage with illustration of the parameters of
the end rings.

leakage inductances of stator and rotor will remain the only uncertainty parameter of the
model. The rest is either modelled as precisely as possible or reasonably simplified.

The ring equivalent circuit and its coupling to the 2D FE model is illustrated in Figure
3.10. Because the aim is a general model for non-standard cage geometries where each
element can be different, an index ¢ for each loop of the cage is added.

v Ly RRi—2 Ly Rri1 Ly Rr Ly R i1 Ly RRit2 11

1 Lr RRi—2 Lr RRi—1 Lgr RR i Ly RRit1 Ly RRrit2 1

Figure 3.10: Circuit coupled to the rotor bars (orange) in the rotor core (gray) in a 2D
Finite Element model to account for the end-rings of the squirrel cage.

From all possible manufacturing and assembling procedures, the die-cast squirrel cage
is a special case. Instead of having protruding rotor bars, the end-rings sit directly on the
rotor core. However, it has proved useful to retain the division into bar and ring elements
from Figure 3.10 to account for the current path inside the end-ring.

To be more precise, the current is assumed to flow exclusively in the axial direction
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up to half the ring’s axial height hg; in a virtually extended bar [70], [77], as illustrated
in Figure 3.11. This share is attributed to Ry.;. The resistor Rg; connecting Rpe; and
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Figure 3.11: Illustration of the virtually extended rotor bars (dotted lines) into the
corresponding end ring element (dashed line).

Ryeit1 therefore only represents the current path in azimuthal direction. With

1 hgr
2 IiSbJ

where Sy, is the surface area of the rotor bar, the resistance of one side of the virtual bar
end is obtained. For the ring, it is assumed:

Rbe,i =

(3.14)

Ir,i
Rrij=——. 3.15
R, HJSRJ ( )
For Induction Machines, [y ; is usually the rotor slot pitch at the average diameter of the
ring [78]:

2T rRo + TRi

= 3.16
e, (3.16)

lri=Ir

with the number of rotor slots Zs.

This method, however, has several limitations. As for the Induction Machine (IM)
and Motor I for example, the end-rings have a huge cross-sectional area Sg that is mainly
caused by the large axial height of hg=20 mm (on a 40 mm long rotor core). As demon-
strated in [S2|, increasing the ring height will simultaneously reduce Rg and increase
Ry.. This means that from a certain ring height on, the total resistance for this method
will increase due to increasing Ry, even though in reality it would be expected that the
resistance will tend to decrease for larger ring heights.

Additionally, regarding non-standard cage geometries in Line-Start Synchronous Re-
luctance Machines, a second problem arises. This is illustrated using the example of Motor
IT, whose ring cross-section is shown in Figure 3.12. The bars indexed with b,i and the
ring elements R,i all differ from their neighbors in shape, size, position, and orientation.
Hence, the formula (3.15) including the length [ ; cannot be defined as simple anymore.
On top of this, the bars are not necessarily oriented radially anymore, therefore making
it unclear how to define the area Sg ;.

Because all the above-mentioned problems would require further assumptions and sim-
plifications to the already simplified model, a more precise method to estimate the equiv-
alent end-ring parameters should be found. Nonetheless, the underlying model should be
retained in the process, since it has proven to be accurate in many Induction Machine
studies. The aim is therefore to tackle the complexity of the geometry with a suitable
calculation method to feed the well-proven equivalent ring circuit model.
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Figure 3.12: Cross-section of the end-ring of Motor II with indicated outlines of the rotor
bars. The bars b, and ring elements R,i are labeled for the first pole. The dotted line in
the numbered pole indicates the division of the ring elements on the left and right side.

3.5.2 Improved 3D FEM-assisted method

The best option for this is the 3D Finite Element Method, which can compute the re-

sistance of arbitrary conductor geometries with high precision. For the ring resistance

between two adjacent bars, each ring segment can be defined as 3D geometry, which

consists of the space above the contact surfaces of the bar and ring as well as the space

between two bars. In an electrostatic study, a voltage of 1V is applied between two bars

by setting the contact surfaces to different electric potentials ¢ (1V and 0V, Figure 3.13).
By evaluating the total Joule losses

1 2
Ploss - /// - ‘!f‘ dV, (317)
segment K

the resistance can be calculated with:

(1V)?

Rspj = ——.
' ‘PIOSS

(3.18)
Usually, the flux barriers of one pole are symmetrical, which means that the resistances
of either side are the same (r,1 and r;5, for example). For Motor II, only four different
segments have to be calculated (Figure 3.14). Consequently, the calculation time is very
low, especially compared to the transient study for which these parameters are required.

Coming back to the equivalent circuit model for the end-ring, there are still more
steps needed. Since 3D FEM yields only one resistance Rsp; for the whole current path
between two bars, it would combine the previously defined bar end and ring elements
Rieji, Rpeit1 and Ry ;. Thus, two neighboring ring elements, Ry ; and Rgi+1, would both
contain the portion of the extended bar Ryeir1. An equivalent circuit, in which two
resistors are defined for the same current path, yields incorrect total losses and therefore
loses its validity.

The equivalent circuit introduced in Figure 3.10, in contrast, defined that different
currents flow in each of these elements: iy, ; in Ryej, iR, in Rri, and 4 i1 in Rpe 1. Thus,
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(a) ring element Rr,1 with bars b,1 and b,2 (b) ring element R,2 with bars b,2 and b,3

Figure 3.13: Electric potential calculated for the first two ring elements of Motor II with
3D electrostatic FEM. The contact surfaces of the rotor bars to the ring element (backside)
are set to 1 V and 0V, respectively. Arrows indicate the direction of the current density,
whereby the length of the arrows is normalized for better visualization.

the resistance R3p; has to be split up as well, so that it can be used in the equivalent
circuit. To separate Rsp; into two virtual bar ends Ryej, Rpeit1, and one ring element
Ry ;, the latter must be calculated.

For simple cage geometries, as for IM and Motor I for example, Equation (3.15) can
be applied because it is the fastest possible and yet quite accurate method. As stated in
[78], however, for large radial ring widths wg compared to the slot height, the average
diameter will lead to a false resistance for one slot pitch.

Thus, if a simple analytical calculation is too inaccurate, as for Motor II for example,
3D FEM can be used as an alternative to calculate Rgp;. To this end, the potentials
are defined on a surface that results from extruding an additional center line of the bar
through the whole ring axial height Ar. The center lines for one selected element are
marked in red and blue in Figure 3.14.

If a voltage is now defined between both resulting boundary faces, the resistance Ry ;
can be calculated. The resulting potential distribution and current density vectors are
shown in Figure 3.15. It is obvious that the current density now no longer has an axial
component (into the bar), which is why in practice a 2D FE model is sufficient for this
step.

For two bars of the same geometry (as in IM and Motor I) the bar end resistance is
then defined as half of the remaining resistance:

1
Rye; = 2 (Rspi — BRri) - (3.19)

In non-standard cages as for Motor II, however, two adjacent rotor bars differ from
each other (for example b1 and b2 in Figure 3.14). Splitting the resulting resistance
Rsp i — Ry into the two bar end resistances Rye; and Rpe it is more difficult because the
contributions to the total resistance cannot be separated for both bars.
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Figure 3.14: Full 3D FEM end-ring geometry of Motor II (left) with indicated center
lines of the rotor bars. The elements are split up into single segments (right) for calculating
the resistance Rg; by defining a voltage between each boundary resulting from extruding
the center lines. The potentials are indicated with red and blue lines for bars b,1 and b,2
as an example.

In addition, two adjacent ring segments that do not have the same geometry will also
yield different results for the bar ends. In Figure 3.14, the bar b2, for example, is part of
two differently shaped end ring segments, for which both calculations will yield a different
value for Rypeo. Hence, the calculation is simplified by still applying Equation (3.19) to
all segments and then evaluating the mean value of both results.

In practice, this will lead to the smallest possible error for the least possible effort
for such complex geometries. Only in the most extreme cases in which the ring’s axial
height hg is large in relation to the distance between both rotor bars, Ry.; and Rpe i1
are dominant for the total ring resistance of one segment. If two adjacent ring elements
are extremely different, the error would be higher as well.

However, the simplification of taking the mean value of both calculations to determine
Ry is still assumed to be valid. In the vast majority of cases, the resistance of the bar
end only represents a small portion of the total resistance of a rotor loop.

In summary, with the aid of the 3D Finite Element Method, the known and proven
equivalent circuit for the end ring can still be used. The approach is therefore a viable
alternative to complex approaches as in [79], where a 3D model of the motor is used to
investigate the current distribution in the whole cage, but empirical correction factors still
have to be used.

To prove that the accurate representation of the end rings is mandatory for achieving
valid results, this section now moves on to investigate the influence on the motor behavior
in a simplified case.
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Figure 3.15: Electric potential calculated for ring element Rr,1 of Motor II with 3D elec-
trostatic FEM. The surfaces resulting from extruding the center lines of the rotor bars (top
and bottom faces in this figure) are set to 0 V and 1V, respectively. Arrows indicate the
direction of the current density.

3.5.3 Influence of ring resistances on the motor behavior

For demonstration purposes and to study the influence of the ring resistance on the motor
behavior, the single-phase equivalent circuit is used as an example. Since the standard
formulas assume that each bar and each ring segment are the same, the following analysis is
carried out for Motor I. Since the classical analytical formulas for evaluating the equivalent
ring parameters |73| apply as well in this case, both methods will be compared. Due to
the identical equivalent circuit elements, the index 7 is not used in this section.

The rotor resistance Ry contains twice the ring resistance Rg and the total bar resis-
tance Ry. As the equivalent circuit from Figure 3.10 contains both bar and ring currents
iy, and iR, one of the two variables must be transformed to the other in order to obtain
only one current per rotor loop. In this case, ring currents are used, which yields the
following formula for the rotor resistance:

2
Ry =2RR + Ry, <2 sin (p%)) ) (3.20)
2

R}, contains the bar embedded in the rotor core as well as both bar ends:
Ry = Ry + 2Ry.. (321)

The method using bar currents and the corresponding transformation rules can also be
found in the standard literature [61], [73], [80].
Then, the rotor resistance can be transformed into the stator current system with

Z
R, = Rgin?r, (3.22)

where nr is the effective turns ratio [61], [73]. If the skin effect, saturation, and iron losses
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are neglected, the current at s = 1 (locked rotor) can be approximated with

U
I = . (3.23)

VR R+ (X + X3,)

This allows for a qualitative comparison of the presented methods.

The results for a voltage of U = 50 V with f; = 50 Hz are given in Table 3.1. Here,
“analytical” refers to the analytical formulas (3.14) and (3.15) and “numerical” to the 3D
FEM-assisted approach presented in Section 3.5.2. The values of the remaining variables
for this calculation were:

Ry =4.12Q, X1o = 4.02Q, X}, = 2.53Q, Ry = 24.537 pQ, and ny = 246.97.

analytical numerical
Rr  0.684 uQ2 0.684 uQ
Rpe  6.134 uQ 1.335 uf2
R, 1.816 Q 1.560
I 5.66 A 5.77A

Table 3.1: Ring and bar end resistances, resulting rotor resistance and current at locked
rotor for the analytical and 3D-FEM assisted (numerical) method using Motor I as an
example.

As can be seen from the table, the results from the analytical method and the numer-
ical method look quite similar. Even though the resistance of the bar end changes quite
a lot when evaluated for the numerical method, the current only changes by about 2%.
This can be explained by the fact that the total bar resistance is reduced by a factor of
approximately 0.022 when transformed to ring currents.

If the rotor cage losses are evaluated, however, the analytical method predicts 12%
more losses than the proposed 3D FEM-assisted method (174.5 W instead of 155.8 W).
Hence, the upcoming validation with measurements must prove that the new method is
accurate.

This example also shows that neglecting the ring resistances, as has been common in
the literature on modern Line-Start Synchronous Reluctance Machines, leads to incorrect
results. If Ry and Rr were neglected, the current would result to 6.17 A. If the starting

torque
p

SWy

Ty = —mRyI2, (3.24)

with
ws = 27 f; (3.25)
is evaluated for the case of neglected ring resistances, only 0.43 times the value is obtained

compared to the case of analytically determined ring parameters (or 0.48 times the value
from the numerical method).
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3.5.4 Consideration of skin effect

Line-Start Synchronous Reluctance Machines with conductors embedded in the flux bar-
riers usually have very deep bars. Previously, it was assumed that for small radial bar
heights and ring widths, the current will flow in the whole end ring. However, it must now
be clarified that if the skin effect causes the rotor bar currents to flow predominantly near
the air gap, this can also influence the ring current distribution [81]. While in cages with
protruding bars a uniform current density distribution could be assumed for the contact
surface of the bar and the ring [82], this is not true for die-cast rotor cages in which the
ring sits directly on the rotor iron core.

Figure 3.16 displays the magnitude of the current density obtained from a locked
rotor simulation from time-harmonic 2D FEM of Motor I and Motor II to demonstrate
the difference between standard and non-standard cages. Comparing the two results, it
can be seen that the current density is almost homogeneously distributed in the rotor bars
of Motor I in Figure 3.16a. If the radial ring width is not much higher than the bars, the
previous assumption is therefore valid for this case.
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Figure 3.16: Magnitude of the current density from locked rotor simulation with 2D
FEM in the frequency domain for U = 80V at f = 50Hz. The iron of the stator and rotor
core is set to a constant relative permeability of u, = 1000. The iron bridges are set to air
to avoid magnetic short-circuits due to the constant permeability.

In contrast, the distribution in the rotor bars of Motor II in Figure 3.16b shows a
massive influence of the skin effect, as the current density decreases significantly from the
rotor surface to the center. Because the end ring covers the whole surface of every bar
(see Figure 3.4), the current in it will probably not be homogeneously distributed. This
means that although the ring is surrounded by air on all sides except for the rotor core,
the skin effect will be indirectly effective for it due to the current distribution in the bars.

Yet, connecting the bar end and end ring resistances to the bars embedded in the
rotor core would assume that the current will flow through the whole cross-sectional area
of the end ring. This influences the ring losses and thus the asynchronous torque of the
motor. In addition, investigations have indicated that the skin effect in the rotor cage is
not only pronounced at high slip, but also influences the synchronization behavior. This
is why the presented end ring model has to be adapted to account for this effect.
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A suitable approach is to divide the rotor cage into multiple electrically insulated
layers. Usually, this method is used when the skin effect in a solid conductor is to be
modelled analytically [75], [83], [84]. However, the method can also be used to counter
the problem of uneven current distribution in the ring. Specifically, this means that for
Motor I, for example, the ring is divided radially into two or more layers. The current
therefore only flows from the uppermost layer of the bar into the uppermost layer of the
ring. The same applies accordingly to the layers below.

The distribution of the layers in this case should be logarithmic, which follows the
approximately exponential current density distribution [A2], [85]. Hence, the layers near
the air gap are smaller, while layers near the center of the rotor are larger.

Figure 3.17 shows the same results from Figure 3.16, but the division of the rotor bars
into three layers is indicated. Looking at the current density in each layer, it is apparent
that the outermost rotor cage layer will carry the most current, while the innermost layer
has significantly less current. With this approach, it is therefore expected that the results
for Motor I will not change by a lot. But for Motor II, an observable change is expected.

Figure 3.17: Magnitude of the current density from locked rotor simulation of Motor
IT in the frequency domain for U = 80V at f = 50 Hz. The iron of the stator and rotor
core is set to a constant relative permeability of p, = 1000. The iron bridges are set to air
to avoid magnetic short-circuits due to the linear rotor core. Each rotor bar is graphically
divided into three layers to illustrate the current density distribution in individual layers.

The calculation of the end-ring resistances has to be adapted accordingly. In Fig-
ure 3.18, the division of the ring segments of Motor I and Motor II into three layers is
shown as an example.

What can clearly be seen in this figure is the difference in the discretization of layers.
For the standard cage of Motor I (left), the layers for each rotor bar are the same, therefore
leading to azimuthal current flow in each ring layer. For the non-standard geometry of
Motor II (right), however, each layer differs in width from one bar to the next due to the
bars having different shapes and sizes.

For the calculation of the equivalent resistances, the approach from Section 3.5.2 is
now applied to each layer. For example, this leads to a potential distribution and current
flow as illustrated in Figure 3.19 for the first layer.
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Figure 3.18: One element of the end ring divided into three layers for Motor I (left, one
slot pitch) and Motor II (right). Each layer is numbered and colored in a different shade.
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Figure 3.19: Electric potential calculated for the first of three layers of ring element R,1
of Motor II with 3D electrostatic FEM. The contact surfaces of the rotor bars to the ring
element (backside) are set to 1 V and 0V, respectively. The conductivity of the other
two layers is set to zero. Arrows indicate the direction of the current density, whereby the
length of the arrows is normalized for better visualization.

In addition to the calculation of the parameters, there are also two important changes
for the 2D circuit-coupled Finite Element model itself if the ring is calculated with more
than one layer. On the one hand, a separate rotor circuit is now required for each layer.
Hence, there are now multiple sets of rotor equations, one for each layer.

On the other hand, the fact that the cage is modeled in separate layers means that the
skin effect in the rotor bars may not be solved with the field equations of the FEM (3.8)
anymore. This would be physically incorrect because the current distribution in the cage
is already forced by the multi-layer cage model, where each layer of a rotor bar is coupled
to a separate end ring. This means that a homogeneous current density is now assumed
for each layer of each bar. This is possible either by defining separate rotor equations as
described in [77] or by using a built-in function for homogenized current densities in coils.

This multi-layer method is also used for the parameter model in Chapter 4. Therefore,
please refer to Section 4.2.4 for further explanations and a more detailed examination of
the skin effect and the required number of layers. For the Finite Element model in
this chapter, the focus is on the consideration of the non-standard ring, which is hereby
considered complete.
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3.6 Torque and equation of motion

The most important quantity for investigating the transient start-up behavior is the elec-
tromagnetic torque. In many Finite Element models, the so-called Arkkio’s method is
used |74]. This method is a modification of Maxwell’s stress tensor applied to cylindrical
rotor geometries of electrical machines. Hence, the formula for the cylindrical coordinate
system yields:
Le
Moég

Here, S,g is the cross-sectional area of the air gap in the pa-plane, whereby p is the radial
distance and « is the azimuth. Accordingly, B, and B, are the radial and azimuthal
components of the air gap flux density.

Together with the sum of all load torques Tiaq, Which is subtracted from the electro-
magnetic torque, the equation of motion for a rigid rotor with a rigid shaft finally results
in:

Ty = / B,BadS. (3.26)
Sag

dwm o Tel - 7ﬁload
dt B Jtot .

Here, Ji; is the sum of all moments of inertia on the rotating axis. The load torque Tioaq,
on the other hand, consists of all torques that oppose the electromagnetic torque T,. As
mentioned in Chapter 2, these can be different types of constant and speed-dependent
loads.

Since the rotor angle 9, is needed for the FE model, a second differential equation is
introduced:

(3.27)

ddp,
e 2
g = W (3.28)

3.7 Skewing

To reduce torque ripple during synchronous operation as well as parasitic harmonic torques
during asynchronous start-up, the rotor of LSSynRM can be skewed as known for Induc-
tion Machines. Since a simple 2D model cannot represent a skewed motor, the multi-slice
method should be applied [86]-[88]. This connects multiple 2D models while adapting the
rotor angle for each slice according to the skewing angle. However, none of the presented
motors in this thesis is skewed, which is why the method will not be used.
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3.8 Solution

For the solution, the following aspects have to be considered to provide a fast solution
while also maintaining a good convergence.

3.8.1 Number of time steps per electrical period

For transient problems, a time step solver is used. It has proven useful to define the time
step as fixed to ensure convergence for each type of problem. For this, it is recommended
to define the number of time steps per electrical period Ngeps rather than the time step
tstep itself. In this way, the time step

1 1
Zfstep = N—

steps f s

(3.29)

is automatically adapted to the frequency fs of the applied voltage.

With a well-defined model, as for the reference model introduced in this chapter, 500
steps per period (time step tgep = 40 ps for fy = 50 Hz) provide satisfactory results, no
matter the study (start-up, locked rotor, fixed speed, etc.). Depending on the required
accuracy of harmonic torque, for example, Ngteps could also be adapted (but not less than
300 steps per period).

3.8.2 Segregated solution of mechanical equations

Since in electrical machines the mechanical time constants are usually much higher than
the electrical ones, the mechanical subsystem will change very slowly compared to the
electromagnetic quantities. For this reason, the mechanical equations from Section 3.6
can be solved separately. By avoiding the iteration of the rotor angle in every iteration
step of the non-linear electromagnetic system of equations, the computing time can be
reduced.
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3.9 Experimental validation

For validating the Finite Element model, several tests can be carried out that allow for
an accurate and in-depth validation of different aspects. The measurements are carried
out step by step in an order that increases the complexity of the measurement and the
corresponding simulation.

3.9.1 Synchronous torque measurement

The most simple method to start with is the measurement of the synchronous torque 74y,
as a function of the rotor mechanical angle v,,. By this, the modelling of the magnetic
circuit as well as the implemented method for the torque evaluation can be validated.

The test motor is supplied by a DC power supply which is connected as indicated
in Figure 3.20. The direct current Ipc flowing through phase one and half its negative
value flowing back through phases 2 and 3 lead to the same state as a three-phase AC
supply at ¢t = 0 for cosine currents. This is often referred to as locked MMF because the
magnetomotive force does not rotate but is locked in place. When the rotor is turned, the
torque will change with the rotor angle ¢,,. This angle can then be transformed to the
current angle 7, which is defined as the angle between the rotor’s d-axis (which rotates)
and the angle of the stator current space vector (which is locked in place). In contrast
to previous work [54], [89], the rotor in this experiment is coupled to a servo motor as
load, which allows for much more precision than rotating it manually. A fixed speed
of 1 rpm yields a quasi-steady state for each measured point. A torque sensor coupled
between both motors can then measure the torque as a function of the rotor angle. The
experimental setup is shown in Figure 3.21.

Figure 3.20: Connection of the DC power supply to the windings of the test motor to
provide a locked MMF for the synchronous torque measurement.

The used torque sensor has a high resolution of 8192 pulses per revolution. A mea-
surement range of 0 to 4 N-m allows for an accurate torque measurement for the studied
motors (rated torque 1 N-m). Because the load motor as well as the rest of the test setup
applies friction torque to the test motor, the measurement must be carried out for rotation
in both directions. The friction torque can then be eliminated by evaluating the mean
value of both tests.

For the simulation, it is sufficient to carry out magnetostatic FE studies for different
rotor angles with the same current Ipc as applied in the measurement. The reason for that
is the low rotational speed of the motor that justifies the assumption of a quasi-steady
state at every rotor position because the electromagnetic time constants are much lower
than the mechanical ones. This allows for a fast computation with accurate results.
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Figure 3.21: Experimental setup for synchronous torque measurements.

3.9.1.1 Motor 1

The first comparison will be evaluated for Motor I, which has an Induction Machine rotor
cage with open slots at the air gap that will cause slot harmonics of high frequencies.
Because the motor has already been studied in [55|, the comparison with the existing
results can provide a further statement about the validity of the presented FE model.
Furthermore, the improvement in the accuracy of the measurement can be evaluated.

Figure 3.22 shows the synchronous torque for a current of Ipc = 2 A that causes
moderate saturation in the iron parts. For improved visualization, only the range from
0 to 180 electrical degrees is shown in this and all following plots. Foremost, it can be
observed that the shape of the curve fits the FEM results presented in [55]. Comparing
the measurement, it appears that there is also an improvement due to the fact that the
servo motor provides a constant speed of rotation and also allows for multiple similar
revolutions to evaluate the reproducibility of the results. This was not possible with the
original experimental setup because the motor had to be turned manually with a bar
attached to the shaft.
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Figure 3.22: Torque versus current angle from the synchronous torque measurement of
Motor I for Ipc = 2 A compared with FEM.

As for simulation, it can be stated that the results are overall accurate and in good
agreement with the measured torque. However, a small difference in the amplitude of
the harmonics can be seen, which, on the one hand, may be due to the measurement
accuracy. On the other hand, it is known that the material properties of the stator
and rotor laminations near the air gap area at the tooth tips deteriorate during the
manufacturing process and during the cutting procedure [66]-[68].

Concerning the shape itself, the effect of the shifted torque maximum to around 55l
due to saturation can be clearly seen here. What also stands out is that around a current
angle of 90°l, the harmonics are significantly less pronounced. The reason for this is the
already large magnetic resistance of the g-axis, in which the rather small influence of the
slotting (that is, the relative position of stator and rotor teeth) is hardly perceptible [55].

Figure 3.23 shows the comparison for a current of 3 A leading to a maximum funda-
mental torque of around 1 N-m, which is the rated torque of the machine. The results at
this state of higher saturation also fit well with the same slight deviations as discussed
for the first comparison.
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Figure 3.23: Torque versus current angle from the synchronous torque measurement of
Motor I for Ipc = 3 A compared with FEM.
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3.9.1.2 Motor II

The second motor for validation is Motor II, which has no standard Induction Machine
slots in the rotor, but a cage embedded in its flux barriers. However, due to the low
number of only three non-optimized flux barriers per pole, strongly pronounced torque
harmonics should also be observable and therefore still allow for a good validation of the
magnetic circuit.

Especially the saturation of the iron bridges at the rotor outer diameter, but also
the ones placed in the middle of the flux barriers, can make a difference because of the
unknown magnetic properties due to manufacturing. The small widths of the bridges of
less than 1 mm basically mean that the whole area of the bridges is affected and can cause
deviations in the results.

Because the torque is measured over a whole revolution, the influence of the bridges
on the magnetic circuit behavior will change as well. While for a d-axis flux only the outer
bridges will slightly saturate because they “collect” the air gap flux, a g-axis flux will lead
to a high saturation of all iron bridges since they are the only material in the flux paths
that have a high permeance when unsaturated. This is illustrated in Figure 3.24.

a) b)

11.8
11.6
11.4
11.2
1

0.8
0.6
0.4
0.2
0

Figure 3.24: Flux density plots with indicated flux lines from the synchronous torque
simulation of Motor II for 3 A at current angles of a) 0°, b) 55°, and ¢) 90°.

With increasing current angles, the saturation of the iron bridges increases, as has
been explained above. As shown in Figure 3.6, there is an area in the B(H )-curve of the
motor that deviates from the original material characteristic curve. Since this behavior
can only be estimated, it is to be expected that deviations will occur in this area (i.e.,
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for medium saturation in the bridges). At the same time, the saturation of the stator
yoke decreases with increasing current angles, which means the influence of the narrow
flux paths becomes higher. The following measurements should provide information on
whether this influences the results.

Figures 3.25 and 3.26 therefore show the comparison of measured and simulated syn-
chronous torque for two different currents, of which the lower one causes a medium satura-
tion and the higher one a high saturation. In both cases, a good agreement is observable.
The fundamental torque as well as its harmonics are accurately simulated by FEM. As
the rotor surface is smooth, only the flux barriers in combination with the stator teeth
are responsible for harmonics. Hence, the frequencies of those harmonics are lower than
for Motor 1.
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Figure 3.25: Torque versus current angle from the synchronous torque measurement of
Motor II for Ipc = 2 A compared with FEM.
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Figure 3.26: Torque versus current angle from the synchronous torque measurement of
Motor II for Ipc = 3 A compared with FEM.

As far as the material properties of the iron bridges are concerned, it should be
mentioned that their influence is not apparent from the results in this case. As shown
in the results from FEM in Figure 3.24, however, their saturation is high, especially for
larger current angles. It can therefore be assumed that the flux densities are already in
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the range where the material curve corresponds to the original curve again, even for areas
with manufacturing influence. Indeed, both converge again from around 2T, as shown in
Figure 3.6.

3.9.1.3 Motor III

Lastly, Motor III is to be studied. Due to its 4 flux barriers per pole, it is to be expected
that the torque harmonics will be less pronounced. In contrast to the two-pole rotor of
Motor II, there are significantly more iron bridges distributed around the rotor circum-
ference. This can change the result of the FEM simulation more visibly compared to the
measurement.

Figures 3.27 and 3.28 prove that both assumptions were right. The shape of the
curve is much smoother as for both other rotors because of the lack of rotor slot openings
and the high number of flux barriers that are known to reduce torque ripple. The FEM
simulation predicts slightly more pronounced harmonics than the measurement. The
overall agreement is once again satisfactory.
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Figure 3.27: Torque versus current angle from the synchronous torque measurement of
Motor III for Ipc = 2.5 A compared with FEM.
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Figure 3.28: Torque versus current angle from the synchronous torque measurement of
Motor III for Ipc = 3 A compared with FEM.
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3.9.2 No-load measurement
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Figure 3.29: Experimental setup for no-load measurements.

To further study the magnetic circuit in general and the accuracy of the non-linear
material data in particular, no-load measurements provide helpful insights. To this end,
the motor is connected to a three-phase transformer and the shaft is completely uncoupled
(Figure 3.29).

The methodology is similar to the no-load test from IEC 60034-30-1 standard. The
motor is warmed up to a steady-state temperature at its rated current to avoid rapid
changes in phase temperature between different points. Then the voltage can be set to
the desired values using the transformer. In this case, the values of voltages and current
over time are recorded with an oscilloscope (for two of the three phases). This allows for
a good comparison of simulated and measured values.

For the resistance measurement, an online resistance measurement device is used. This
means that the motor does not have to be switched off between measurement of different
points, which will cause the resistance to be measured accurately and the temperature to
decrease slowly.

The simulation requires a transient study, taking the equation of motion into account.
This is necessary because the load angle, that is, the angle between the voltage phasor
and the d-axis of the rotor, is difficult to estimate in a simulation with fixed rotational
velocity. Furthermore, the incorporation of friction, which is relatively high for the test
motors, provides more accuracy compared to measurements.

In contrast to synchronous torque measurements, the measured phase voltages are
applied to the stator circuit, and the phase resistances are set to the measured values. Be-
cause only the resistance R;5 between phase 1 and 2 is measured, the remaining resistances
are adapted with respect to the relation of the values measured at room temperature.

For the no-load simulation, the start-up process is ignored, as it would lead to un-
successful synchronization due to the low voltage anyway (in both simulation and mea-
surement). This is why the starting condition for the equation of motion is w, = wy, that
is, synchronous speed. Then the voltage is switched on, and the simulation is carried
on until the rotor has synchronized to the stator magnetic field and all transients have
disappeared. To avoid numerical problems at the initial steps, the voltage amplitude is
slowly increased with a smooth step function over one period, as shown in Figure 3.30.
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Figure 3.30: The amplitude of the line-to-line voltage UrL is ramped up over one cycle
in the Finite Element model.

3.9.2.1 Motor 1

The LSSynRM with the original Induction Machine rotor cage is once again compared at
first. The results for the typical no-load characteristic curve in Figure 3.31 show a good
agreement with the measurements. Only the values of the two highest voltages, that is,
at high saturation, deviate slightly. Several factors could explain this observation.
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Figure 3.31: RMS current versus voltage from no-load measurements for Motor I com-
pared to FEM. Each current value is the average of all three phases.

Firstly, the used material curve is likely to differ from the real behavior of the motor.
This fits the findings from the synchronous torque validation in Section 3.9.1. The torque
of the FE simulation for high currents was already slightly higher, meaning that the
magnetic circuit was less saturated.

Secondly, as the iron losses are neglected in the Finite Element model, the current can
differ especially at high voltages. As the flux is determined by the voltage level, a certain
magnetizing current is required. The phase currents must be correspondingly higher if
they also have to compensate for eddy current losses in the motor’s iron cores. The
measurement data shows that the power factor increases for these points, which supports

the thesis.
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Nevertheless, the results are within a satisfactory range of accuracy. The comparison
of all three phase currents versus time at 160V in Figure 3.32 further shows that the form
of the functions, including most harmonics, fits good. While the slotting harmonics are
accurately modelled, the measurement shows a more pronounced fifth harmonic due to
saturation, which in this case causes the current to be more conical at its maximum.
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Figure 3.32: Current versus time from no-load measurement at U = 160 V for Motor
I compared to FEM. The three currents of the measurement are shown in different shades
of red, and those of the FEM in shades of blue.

Despite the slight deviations, the overall agreement is good enough to proceed with
the validation. Should measurements be performed at correspondingly high voltages, a
deviation in the current must then be expected.

3.9.2.2 Motor II

The new 2-pole version, Motor II, again has the rotor placed in the same stator. Here,
the results for the no-load test fit good over the whole voltage range, as shown in Figure
3.33.
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Figure 3.33: RMS current versus voltage from no-load measurements for Motor II com-
pared to FEM. Each current value is the average of all three phases.

The curve is somewhat flatter, which means that saturation sets in later than with
Motor I. This is due to much more iron in the flux paths of the rotor because of the lack
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of a separate rotor cage. Furthermore, the area of medium saturation, that is, 140 V and
160 V, shows slight deviations.

What is striking, however, is the higher current at low voltages. This is explained
as follows: Because in the simulation the machine has to find its steady state after the
voltage being switched on to the currentless motor rotating at synchronous speed, the poor
damping of the non-optimized rotor cage is not sufficient for the oscillations to disappear
after 2 s of simulation time.

Therefore, the best practice is to evaluate the mean value of the RMS current over
a few of the last cycles. In this case, 15 cycles (= 0.3 s) were sufficient to have a good
approximation of the resulting value for the steady state.

The current versus time behavior is also compared, which proves the good accuracy
of the FE model (Figure 3.34). There is much more harmonic content than for Motor I,
which was expected due to the poor design. Since the Finite Element Method can model
these harmonics accurately, it can be considered valid.
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Figure 3.34: Current versus time from no-load measurement at U = 180 V for Motor
IT compared to FEM. The three currents of the measurement are shown in different shades
of red, and those of the FEM in shades of blue.

3.9.2.3 Motor III

As can be observed in Figure 3.35, the measurement of Motor III shows a similar behavior
as for Motor I. Up to a voltage of 140V with a current of around 3 A, the results look fine.
This fits the findings from the synchronous torque compared in Section 3.9.1. When the
voltage is further increased, however, the measured motor shows more saturation than
in the simulation. This leads to a deviation of up to 9% for the current at the highest
measured voltage.

These deviations could be partly explained by the already mentioned material prop-
erties. The iron bridges at the air gap will saturate at high d-axis currents, as shown in
a magnetostatic simulation with for 6 A in Figure 3.36. Since the flux densities in the
iron near the air gap vary greatly, especially around the bridges, it can be assumed that
the influence of manufacturing is noticeable. This means that the real permeability is not
known for these areas, which would change the Carter factor and thus explain a part of
the deviations.
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Figure 3.35: RMS current versus voltage from no-load measurements for Motor III com-
pared to FEM. Each current value is the average of all three phases.

Figure 3.36: Flux density distribution from a magnetostatic simulation of Motor III with
a d-axis current of 6 A.

However, other reasons for the deviations were identified as well. The evaluation
of the measurement data again shows that the power factor increases at high voltages.
This suggests that the discrepancy occurs also due to losses that have not been taken
into account in the FE model. The most important components here are iron losses and
additional losses.

Nonetheless, in all further measurements the voltage will be lower than or equal to
140V anyway, which means that the deviation for highly saturated states will not affect the
accuracy of the results. Furthermore, the saturation is the highest for no-load operation
(v = 0°). As soon as a mechanical load is applied, the current angle increases and
therefore the flux consists of both d- and g-axis flux, which causes saturation to decrease.
Since medium and low saturation fit well, the results are expected to be accurate enough.
However, if the motor is to be optimized, it should be considered that the material data
used is not correct over the whole range and therefore would underestimate the saturation.

In contrast to both other motors, the stator currents of Motor III show hardly any
geometry-induced harmonics (Figure 3.37). Due to the rotor surface having no slot open-
ings and the number of flux barriers being high enough, the main inductance does not
change too much during rotation, which is why the measured and simulated currents are
nearly sinusoidal.

Since this comparison also shows an overall good agreement between measurements
and simulations, both the magnetic circuit modelling and the torque evaluation (as proved
in Section 3.9.1) can be considered validated.
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Figure 3.37: Current versus time from no-load measurement at U = 140 V for Motor
IIT compared to FEM. The three currents of the measurement are shown in different shades
of red, and those of the FEM in shades of blue.

3.9.3 Locked rotor measurement

The next step is therefore to validate the rotor circuit model. The best method for this
is to perform locked rotor tests. Here, the rotor cage is fully active because the stator
magnetic field rotates with its fundamental frequency around the rotor, hence inducing
EMFs into the rotor cage which cause currents to flow. The skin effect is also most distinct
in this case. Regarding the general single-phase equivalent circuit of Induction Machines,
it is known that the winding parameters such as resistances and leakage inductances will
influence the result the most at this operating point (see Section 3.5.3).

For the measurement, the d-axis of the rotor is aligned with the center of the first
coil group of the first phase by applying a locked MMF' as described for the synchronous
torque measurement in Section 3.9.1. It is then locked mechanically to a fixed shaft. To
ensure that the temperature rise for varying voltages during the measurement is kept
small, the motor is warmed up to a steady-state temperature.

For each measured point, the voltage is set to the desired level with a three-phase
transformer. The line-to-line voltages w15 and us3 as well as the phase currents i; and
1o are recorded over two cycles with an oscilloscope. To measure the temperature of the
stator winding, an online resistance measurement device has been used (Figures 3.38 and
3.39). The rotor temperature is measured with a thermocouple placed in the end ring. For
the simulation, it is assumed that the whole rotor cage has the same temperature. Fur-
thermore, the same stator is used for both 2-pole rotors to ensure as much comparability
as possible.

For the simulation, the rotor is set to the same position as in the measurement. The
equation of motion is neglected because the rotor does not rotate. Then the voltage is
switched on, and the simulation is carried on until all transients have disappeared, which
is after about 1s in this case. A good indicator is the evaluated torque, which has to be
periodical without transients. This validation has been partly presented in [A5] but it
will be explained more detailed and has also been expanded for this work.



o4

Oscilloscope

Uiz, Uss, 11, I2 Resistance R
12

measurement

3 Thermometer,
(rotor cage)

= -

Grid

——

LSSynRM Fixed shaft

Figure 3.38: Experimental setup for locked rotor measurements.

Figure 3.39: Photo of the experimental setup for locked rotor measurements.

3.9.3.1 Motor 1

The validation starts with Motor I because the stator and rotor windings are the same
as in the original Induction Machine. In particular, for the rotor cage model presented
in Section 3.5, this provides a simple cage geometry to start with before moving on to
the more complex geometries of the other two motors. The motor’s rotor slot height of
12.7 mm is approximately equal to the skin depth of aluminum at 50 Hz and at the rotor
temperature measured during the experiment. This means that the skin effect will not
have a big impact, and therefore the results for a model with one or three layers for the
rotor cage should provide the same results.

Figure 3.40 provides the comparison of the measured stator currents at different volt-
ages with FEM, which has been simulated with one and three rotor cage layers. It is
obvious that the previous assumption was correct because all simulated currents for the
respective voltage are approximately the same.
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Figure 3.40: RMS current versus voltage from locked rotor measurements for Motor
I compared with FEM. Each current value is the average of all three phases (currents are
nearly symmetrical). The rotor cage is divided into 1 and 3 layers.

Looking at the current versus time plot in Figure 3.41 for the highest voltage of 80V,
the accuracy is once more proven. It can be observed that all phase currents are sinusoidal
and have the same amplitude. This is also in accordance with FEM.
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Figure 3.41: Current versus time from locked rotor measurements at U = 80V for Motor
I compared with FEM (1 layer). The three currents of the measurement are shown in
different shades of red, and those of the FEM in shades of blue.

The proposed 3D-FEM assisted method to calculate the end ring resistances could be
validated for Motor I with a symmetrical rotor cage. Thus, the next step is to apply the
method to both Line-Start Synchronous Reluctance Machines with conductors in the flux
barriers.

3.9.3.2 Motor II

For the two-pole version (Motor II), the same stator has been used as for Motor I to
provide good comparability. The end winding leakage inductances of stator and rotor,
which represent the only remaining uncertainty factor, are therefore not changed. Only
the rotor was replaced.
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Figure 3.42 shows the results for the measurements as well as for the simulations with
one and three layers for the rotor cage. To prove that the end ring resistances have to be
considered, the simulation is also carried out for the case if they are neglected.

6 —
4+  measurement
5F X FEM (1 layer)
FEM (3 layers)
T4k A FEM (end rings neglected) A
<
c A X
w3t X @
5 A ®
2 N X
S0t ‘
3 2 P
’I -
O L 1 1 1 1 1 1
50 55 60 65 70 75 80

Voltage inV —

Figure 3.42: RMS current versus voltage from locked rotor measurements for Motor
IT compared with FEM. The cases of a rotor cage model with one and three layers as well
with neglected end rings are shown. Each current value is the average of all three phases.

Despite all results of the FE model still having sufficient accuracy, the difference
between one and three layers is more distinct. In this case, due to the very deep rotor bars,
the skin effect is more pronounced, which is why the results for three layers better fit the
measurement. Neglecting the end rings leads to higher currents due to the underestimation
of the rotor resistance.

Figure 3.43 in addition shows the current versus time plots for both cases at a voltage
of 70 V. Here, the difference between the FE models with one or three layers gets clear,
as well as the fact that the shape of the current changes and is not sinusoidal anymore.
The latter differs from the behavior observed for Motor I and can be explained as follows.

Since the symmetrical rotor cage in Motor I shields the anisotropy of the rotor, it
does not affect the stator current. The symmetrical cage itself also does not generate any
visible harmonics that do not correspond to the fundamental frequency. In the case of
Motor II, however, the cage is asymmetrical and inserted into the anisotropy. On the one
hand, the anisotropy cannot be shielded and causes the stator windings to have different
inductances that depend on their relative position to the rotor. On the other hand, the
cage itself generates harmonics that do not match the fundamental frequency.

When looking closely at the current form, there is also a slight difference in the har-
monic content of both models with 1 and 3 rotor cage layers. Nonetheless, the difference
would be small enough to reduce the rotor cage model to one layer and therefore from
18 to six rotor equations (because only half of the motor is modelled). It remains to be
investigated during the validation, however, what influence the number of layers has on
the overall start-up behavior.
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Figure 3.43: Current versus time from locked rotor measurements at U = 70V for Motor
IT compared with FEM (top: 1 layer, bottom: 3 layers).

3.9.3.3 Motor III

For Motor III, the procedure is the same as for the previous two motors. The results for
one and three layers, as well as for neglected end rings, are shown in Figure 3.44. Here,
the deviation at higher currents is slightly higher than for both two-pole motors. More
precise, the slope of the function differs, which is why the deviation gets higher, the higher
the voltage is.

To classify the results, the influence of the end ring resistances on the overall resistance
is evaluated. Since the motor has four poles, the influence of the ring resistances on the
total equivalent rotor resistance is smaller, which means that the deviation is likely to be
caused by other effects as well. This can also be proven by the smaller deviation between
the simulation with and without end rings considered.
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Figure 3.44: RMS current versus voltage from locked rotor measurements for Motor
IIT compared with FEM. The cases of a rotor cage model with one and three layers as well
with neglected end rings are shown. Each current value is the average of all three phases.

Comparing the current versus time at 35V and 80 V in Figures 3.45 and 3.46, re-
spectively, demonstrates that the accuracy of the Finite Element model is still sufficient.
This concerns the shape of each individual current as well as the amplitude. Again, each
phase current is different.
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Figure 3.45: Current versus time from locked rotor measurements at U = 35V for Motor
IIT compared with FEM (1 layer). The three currents of the measurement are shown in
different shades of red, and those of the FEM in shades of blue.

What also stands out is that especially current ¢; looks different for the higher voltage
in Figure 3.46. This can be explained by saturation, which is not high but can still affect
the harmonic content of the currents.
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Figure 3.46: Current versus time from locked rotor measurements at U = 80V for Motor
IIT compared with FEM (1 layer). The three currents of the measurement are shown in
different shades of red, and those of the FEM in shades of blue.

3.9.4 Start-up measurement

Now that all other measurements have been successfully validated, the start-up measure-
ment can be carried out. Due to the electrical and mechanical system running through
a dynamic process that has to be simulated, it is the most complex test. At first, the
measurement will therefore be carried out without external load, which means that the
motor only has to start up against the friction torque Ty;.. By adding flywheels of dif-
ferent moments of inertia J,qq, the total moment of inertia can be gradually increased to
test the motor behavior and the validity of the simulation. The setup for this procedure
is shown in Figure 3.47.

At one side of the rotor, a coupling for the flywheels is added. This also provides a
coupling for a small permanent magnet DC motor that will act as a tachometer, of which
the open-circuit voltage is proportional to the rotor speed. For every measurement, the
rotor position will be set to the same as during warm up. Although the time at which the
voltage is switched on will vary, the parasitic synchronous torque has the same position
at the start in both cases.

The entire process is adapted so that it provides as much information as possible
about the condition of the machine. An important quantity for the start-up is the wind-
ing temperature of both stator and rotor. Because they can change rapidly due to the
transient currents during the process, the motor is warmed up so that the change in tem-
perature is kept low. For this purpose, it is again warmed up at reduced voltage with
the rotor locked in a predefined position (as done in section 3.9.3). This is recommended
because in contrast to Induction Machines, which are usually warmed up at their rated
load torque, the Line-Start Synchronous Reluctance Machine has no rotor currents during
rated operation.

Once the full motor, including the rotor cage, is warmed up to a sufficiently high
temperature, it is fair to assume that the temperature during start-up does not vary
significantly. The full measurement procedure is shown in Figure 3.48.

Since the two motors with modern rotor cage, Motor II and Motor III, cannot syn-
chronize a moment of inertia apart from their own, this validation will start with these
two motors. The differences in the number of layers can nevertheless be shown using dif-
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Figure 3.47: Experimental setup for start-up measurement (without load).

ferent measurements with different moments of inertia. The validation for Motor I is then
continued so that it can be demonstrated that the FE model can also bring improvements
for the case of a non-standard ring. Comparisons for the case of start-up under load can
also be shown for this motor.
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Figure 3.48: Procedure of start-up measurements.

3.9.4.1 Motor II

The first measurement is carried out without additional flywheels at a voltage of 180V,
which is sufficient to pull Motor II into step. In Figure 3.49, the speed is shown for
the measurement as well as for the simulation with 1 and 3 layers in the rotor cage.
Even though both simulations show that the motor synchronizes, it is noticeable that the
simulation with 3 layers is in better agreement with the measurement.

If flywheels are added to increase the inertia, the influence of multiple rotor cage layers
becomes even more obvious (Figure 3.50). While the motor is not able to synchronize in
the measurement, the simulation with 1 layer shows that it does.

In contrast, the simulation with three layers is in better agreement with the measure-
ment because the motor does not synchronize as well. The resulting quasi-stationary state
is almost identical. The speed slightly differs, which can be caused by a remaining differ-
ence in the rotor resistance due to the temperature, for example. Hence, the oscillation
frequency differs slightly as well, as it depends on the slip frequency of the rotor.

This can be supported by the third measurement, where the total moment of inertia
is further increased. Both simulations in Figure 3.51 show that the motor cannot pull into
step. Yet, with three layers, the average speed in the quasi-steady state fits much better.

In conclusion, it can be stated that the layer model also provides better results for
the start-up and not only for locked rotor conditions. This may seem surprising given the
fact that the fundamental rotor frequency near synchronous speed is low and skin effect
should not be as important. Several factors could explain this observation. Firstly, the
effective resistance of the very deep rotor bars of modern LSSynRM may be affected over
the whole speed range. Secondly, the field penetrating the aluminum in the innermost
flux barrier, for example, is shielded by all the conductors in the flux barriers above,
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Figure 3.49: Comparison of the speed during dynamic start-up of Motor Il at U = 180V,
f =50 Hz, and Tipaq = Thic between FEM and measurement. The additional moment of
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Figure 3.50: Comparison of the speed during dynamic start-up of Motor Il at U = 180V,
f =50Hz, and Tip.q = Thic between FEM and measurement. The additional moment of
inertia is Jagq = 9.1-107* kg-m?, so that Jio; = 2.0-Jmot.

therefore enhancing the skin effect. Lastly, the fundamental and harmonic rotor currents
influence the start-up behavior. While the fundamental torque is accelerating the motor,
different harmonic torque components can also produce braking torque, depending on
their field’s direction of rotation. Because harmonic currents do not “see” the total ring
cross-sectional area, but flow near the air gap, the effective ring resistance is higher,
which can be represented by multiple rotor cage layers. This once again proves that for
an accurate representation of the machine behavior, the end ring resistances are important
and the rotor cage should be separated into multiple layers to achieve valid results.
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Figure 3.51: Comparison of the speed during dynamic start-up of Motor Il at U = 180V,
f =50Hz, and Tip,q = Thic between FEM and measurement. The additional moment of
inertia is Joqq = 24.2:10~4 kg-m?, so that Jio; = 3.3-Jmot.

3.9.4.2 Motor III

Turning now to the validation of Motor III. Again, different flywheels have been added
to vary the inertia. The measurement has been carried out for different voltages. As only
one of the tests was able to show a successful start-up, this will be examined first.

Figure 3.52 shows the speed versus time plot at a voltage of 140V with no additional
flywheel (Juqq = 0). During the acceleration phase, both simulations with 1 and 3 layers
fit good to the measurement and show the same behavior. Then, during synchronization,
both simulations show different damping. While the oscillations for 1 layer are damped
faster than the measurement, 3 layers show less damping. This leads to two conclusions:
On the one hand, it can again be proven that the skin effect is still relevant for the
synchronization process because both models show different damping behavior. On the
other hand, the correct effective rotor resistance lies between the simulation of 1 and
3 layers, meaning that the damping is overestimated for 1 layer (rotor resistance too
high or inductance too low) and underestimated for 3 layers (rotor resistance too low or
inductance too high). Nevertheless, there is satisfactory agreement between simulation
and measurement, as both acceleration and synchronization are correctly predicted.
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Figure 3.52: Comparison of the speed during dynamic start-up of Motor IIl at U = 140V,
f =50 Hz, and Tipaq = Thic between FEM and measurement. The additional moment of
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As already observed for Motor II, adding flywheels causes Motor III to lose its ability
to synchronize. However, for both measurements (Figures 3.53 and 3.54), the simulation
results again fit good. The acceleration, as well as the resulting speed, are accurately
modelled. Furthermore, the results for 3 rotor cage layers also agree better for the average

speed and amplitude of the oscillations.
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Figure 3.53: Comparison of the speed during dynamic start-up of Motor IIl at U = 140V,
f =50 Hz, and Tipaq = Thic between FEM and measurement. The additional moment of

inertia is Jyqq = 9.1-10% kg-mQ, so that Jiot = 2.0-Jmot -

The difference in the phase angle of the oscillations in measurement and simulation
can be explained by the fact that it is a time-dependent process. Even the smallest
deviations can cause the two results to shift against each other. In addition, the slip

frequencies are rarely the same.
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Figure 3.54: Comparison of the speed during dynamic start-up of Motor IIl at U = 140V,
f =50Hz, and Tip,q = Thic between FEM and measurement. The additional moment of
inertia is Jaqq = 24.2:10~4 kg-m?, so that Jio; = 3.3 Jmot.

It can be stated therefore that the presented Finite Element model can be considered
validated for the simulation of the dynamic start-up process as well. Since Motor III as
well as Motor II do not synchronize for any inertia but their own, however, Motor I will
be compared to FEM as well to demonstrate the procedure for load conditions.

3.9.4.3 Motor 1

At first, the comparison is carried out for the case of no additional flywheel. Figure 3.55
shows that the behavior of the speed versus time corresponds well with the measurement.
What is striking, is that also for this motor the model with 3 rotor cage layers shows
different results than with 1 layer despite the standard rotor bar geometry. This can be
explained by the non-standard ring, which has a huge cross-sectional area and therefore
a large width wg. Since this is much deeper than the rotor bars itself, it appears to be
proven that currents flowing near the air gap will not use the whole ring area, which has
been stated in Section 3.5.4 according to [81]. Hence, the torque at low speed is higher
due to the increased rotor resistance.

What stands out as well is the difference in damping behavior compared to Motor
IT and Motor III. There is almost no overshoot, and the steady state is reached shortly
after the motor accelerated to synchronous speed. The reason for this is the end ring,
on the one hand, as it significantly reduces the rotor resistance compared to both other
motors and therefore provides much better damping. On the other hand, the rotor cage
is symmetrical, which also improves the asynchronous performance.

Looking at Figure 3.56, which compares the current for this case, a good agreement
is visible as well. This applies to both the transient starting current and the steady state.
The only difference can be observed between 0.2 s and 0.4 s, where the current from FEM
is slightly higher. This is due to the different slip during measurement and simulation.
However, the overall agreement is satisfactory.
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Figure 3.56: Comparison of the stator current during dynamic start-up of Motor I at
U =140V, f =50 Hz, and Tjpag = Thic between FEM and measurement. The additional
moment of inertia is Jygq = 0, so that Jior = Jmot (corresponds to Figure 3.55).

To prove the good agreement, the comparison for a measurement with an additional
flywheel is presented in Figure 3.57. Due to the lower rotor resistance compared to the
other motors, the synchronization is successful despite the increased moment of inertia.
Here, both simulations show slightly less acceleration, which results in a lower slope.
However, as soon as the synchronization phase is reached, the behavior is the same as
during the measurement.
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Finally, the finite element model is to be compared for the case of a start-up under
load conditions. This means that an additional load must be added to the test setup in
Figure 3.47.

The most suitable method for LSSynRM from a measurement and application per-
spective is to use a DC motor as a load. If the field winding is excited with a direct current
and the armature is connected to a resistor, the motor acts as an eddy current brake with
a linear torque-speed characteristic (Tpc = f(n)). The measured characteristic curve for
the chosen field current of the DC motor used is illustrated in Figure 3.58 (the same motor
has been used in [55]). The linear approximation of the measured values can thus be used
in the FE model to define the torque in the simulation.
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Figure 3.58: Torque versus speed characteristic Tpc(n) of the used DC load motor at a
field current of Ipq = 200 mA.

If Motor I is coupled to the DC load motor, the test setup changes according to
Figure 3.59. The start-up test can be performed for different combinations of load torque
and moment of inertia. The former can be varied by changing the field current of the
DC motor, the latter by adding additional flywheels. Two of the tests carried out are
discussed below.
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Figure 3.59: Experimental setup for start-up measurement (with load). The armature
winding of the load motor is connected to a resistor. Its moment of inertia is Jpo =
5.3-10~* kg-m?.

In the first test, the voltage was 100V, at which the motor was unable to synchronize.
Except for the load motor, no additional moment of inertia was added. The measured and
simulated speed curve is shown in Figure 3.60. It is apparent from this figure that both
FE simulations accurately predict the final slip of the motor that does not synchronize.
However, the model with three rotor cage layers is far more accurate concerning the
acceleration during start-up.
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Figure 3.60: Comparison of the speed during dynamic start-up of Motor [ at U = 100V,
f = 50 Hz, and Tigaqa = Tpoc + Thic between FEM and measurement. The additional
moment of inertia is J,qq = Jpg, so that Jiot = 1.7 Jmot-

This is also obvious when looking at the results of the measurement with an increased
voltage of 140V in Figure 3.61. Both simulations indicate that the motor can synchronize.
The three-layer model predicts almost the same shape as the measurement. Only the
synchronization phase differs slightly, which is probably due to the initial voltage angle
during the measurement.
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Figure 3.61: Comparison of the speed during dynamic start-up of Motor I at U = 140V,
f = 50 Hz, and Tigaq = Tpc + Tiic between FEM and measurement. The additional
moment of inertia is J,qq = Jpq, so that Jiot = 1.7 Jmot-

In conclusion, the proposed Finite Element model was able to predict the start-ups
of all three motors with good accuracy. As the final tests with Motor I showed, it is
also possible to accurately simulate the start-up with load. This can also be expected for
Line-Start Synchronous Reluctance Machines with modern rotor cage geometries (such as
Motor IT and Motor III).

3.10 Conclusion

This chapter presented a two-dimensional Finite Element model for Line-Start Syn-
chronous Reluctance Machines, which accurately takes the end ring into account. The
purpose was to develop a precise model which is able to accurately simulate the start-up
behavior from zero to synchronous speed. Various adjustments were made to speed up
the slow simulation method as much as possible without affecting the accuracy.

The modelling of the electromagnetic circuit in the 2D domain and the consideration of
stator and rotor end windings were discussed. For the non-standard rotor cage geometries
of modern LSSynRM, a 3D FEM-assisted method to feed the standard Induction Machine
equivalent circuit was proposed.

By carrying out an experimental validation, it was proven that the Finite Element
model can accurately predict the machine behavior for different modes of operation with-
out the necessity of measurements to estimate machine parameters. The results also
indicated that the skin effect in the rotor cage has a large influence on the start-up pro-
cess, not only for high slips, and has to be taken into account for the end rings as well.
One of the strengths of this model is that it covers any type of LSSynRM rotor cage, no
matter the complexity. Hence, it is now possible to rely on this FE reference model in the
design phase and minimize the need for measurements when investigating applications of
a particular LSSynRM or validating other models.

Because the computing time for a start-up simulation with FEM is quite high, how-
ever, the chapter that follows moves on to reduce the overall computing time by intro-
ducing a less complex numerical parameter model which only focuses on important global
effects. The computing times of both models are compared at the end of the next chapter.






Chapter 4

Finite Element-Based Parameter Model

4.1 Introduction

The previous chapter showed that the Finite Element Method can provide good accuracy
to act as a reference. However, the requirements defined in Chapter 2 concerning a fast
simulation model to investigate numerous start-ups are still not met. The FEM is not
suitable for carrying out hundreds of time-step simulations with a reasonable computing
time. Hence, this chapter introduces a numerical parameter model. By taking advantage
of the precision of 2D magnetostatic FE simulations for the calculation of parameters and
reducing the model to analytical equations, the results are generated much faster.

The presented model is based on the one introduced by Giidelhdfer in [54] and [55],
which from now on is referred to as “existing model”. First, this chapter describes the
adaption of the underlying system of equations to obtain a more comprehensive and a
more accurate model that meets the requirements of modern Line-Start Synchronous
Reluctance Machines. The phase domain model will be slightly adapted so that the
flux linkage instead of the current is the state variable. This simplifies the solution and
improves the comprehension of the model.

Secondly, the consideration of the two most important effects, skin effect and satu-
ration, is improved. While the skin effect needs an entirely new approach to account for
modern LSSynRMs with conductors in flux barriers, the saturation will still be considered
for by the saturation factor method. However, it is demonstrated that a dg-saturation
factor model with an individual factor for each axis is superior to the existing one-factor
model.

Lastly, the model is validated with FEM regarding the investigated effects, before the
comparison to measurements is carried out. The chapter will close with a comparison of
the computing times and a conclusion.
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4.2 Electromagnetic machine model

An electric machine can be described as a system of multiple electrically and magnetically
coupled coils. Each coil of the system is represented by its voltage equation

d
= Ri+ — 4.1
u z+dtw, (4.1)

where u is the voltage at the coil’s terminals, R the electric resistance of the winding, ¢
is the current and v the total flux linkage of the coil. The derivation of the equation is
explained for the simplified case of a single coil in Appendix B to clarify the relations of
the physical quantities and the definition of specific terms.

In the following, the derivation of the system of equations for a Line-Start Synchronous
Reluctance Machine with a three-phase stator winding and a rotor cage is presented.
Nevertheless, the model works for any type of LSSynRM as well as for Induction Machines.

4.2.1 Stator voltage equations

In LSSynRMs with m = 3 stator phases there are 3 equations in the form from Eq. (4.1)
which can therefore be expressed in matrix form as

- d -
_‘s = Rs .s - Ws, 4.2
u is + dtw (4.2)

where the index s denotes stator quantities. The stator voltage and current vectors

U 0
Us = | ug |, is = | 72 (4.3)
U3 i3

contain all phase voltages and currents. For line-start machines that are connected directly
to the grid, the voltage vector is known, whereas the current vector is unknown. The
resistance matrix is a diagonal matrix, containing the phase resistances:

Rwi O 0
Ro=| 0 Rumo 0 |. (4.4)
0 0 Rups

The flux linkage of the k-th phase in the flux linkage vector JS is the sum of flux linkages
produced by all m stator phases and 2/Ngg rotor coils:

2NFB

Yk = Z Y + Z (R (4.5)
=1

k'=1

where Ngp is the total number of flux barriers in the rotor, each of which is divided into
two rotor bars (see Figure 3.12).

At this point, it may already be noted that the model is derived for the abc system
(phase-domain model). The advantages are explained in detail in [90]. The existing model
was also able to demonstrate that the approach is superior for the goal of achieving the
most accurate model possible.
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4.2.2 Rotor voltage equations

For the rotor, denoted by index r, the general system of equations looks the same:
i — Rii+ L (4.6)
Uy = Dy 4, Pr .
dt

In the case of a rotor cage, as dealt with in this work, however, the first difference is that
there are no external voltages. Hence, all elements of the rotor voltage vector are zero:

i, =0, (4.7)

which yields

— — d —
0=Ryi, + =1 4.8

b+ ¥ (4.8)
As for the stator, the rotor flux linkages contain the self-flux linkage and all mutual flux

linkages:
2NFB

=Y et > Ui (4.9)
k=1 =1

Moreover, the resistance matrix R, is structured differently than for the stator. In
the rotor equipped with a cage, each coil consists of two adjacent bars connected by the
respective end ring segments on both sides. In addition, neighboring coils 7 and i+ 1 share
the same rotor bar. Therefore, rotor cages are usually described using network analysis
[77], [91]. This is illustrated in Figure 4.1, which shows the equivalent circuit typically
used for machines equipped with a rotor cage.
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Figure 4.1: Rotor equivalent circuit adopted from the rotor circuit of the Finite Element
model in Figure 3.10. The rotor core (gray) is now modelled as a system of coupled coils,
each defined by an EMF and discrete bar resistances and inductances. The ring equivalent
circuit is the same.

Following the rules of mesh analysis, the diagonal elements R;; of the rotor resistance
matrix are now the sum of all resistances of the respective loop, which yields

Ri; =2Rp; + Ry + Ry i1 (4.10)
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for the i-th loop for example. It is to mention that the rotor bar resistance R}, ; represents
the sum of the rotor bar embedded in the iron core Ry, ; as well as both bar end resistances
Rbe,i (3.14)2

Ry = Ryci + 2Rpe - (4.11)

The end ring resistance Rg; also follows from the improved ring model (Section 3.5.2).
The non-diagonal elements of the matrix contain the negative value of resistances
connecting two loops, which in this case is the respective connecting bar resistance:

Riiy1 = Rit1i = —Rypiy1- (4.12)

Together with the EMF e;, this leads to the following voltage equation for the i-th rotor
loop:

2Npp
d

d m
O:2R i.i Ri'i_.i— Ri .i _.i e 1.k’ - 1.1’ 413
RilR,i + B (iri — iR,i-1) + Rbit1 (fri1 — Iri) + T E Vi x +dt ;/:1 Yiy. (4.13)

k'=1

As shown in [54], [55], it is also possible to account for inter bar currents and skewing by
defining multiple layers in axial direction. Both effects will not be discussed in this thesis
because the discussed motors are not skewed. The derivation of the underlying equations
therefore is finished.

4.2.3 Full system of voltage equations for linear materials without
skin effect

Combining the stator and rotor sets of equations yields

ﬁs _ Rs 0 ;s d Js
H-GEHOE)

It is obvious that both the current vectors and the flux linkage vectors are unknowns. It
must therefore be decided which variable is to be retained as the state variable, and a
function must be found to replace the other variable.

In the first step, linear material properties are assumed, that is, saturation is neglected.
The current [ is therefore related to the flux linkage ¥ by the constant inductance L with

W =LI (4.15)

Since for the model multiple coils are coupled, however, the flux linkage of the k-th
coil consists of the self-flux linkage excited by the current 7, and the mutual flux linkages
produced by all other coils of the stator and rotor depending on their respective currents:

2NpB

Yk = Z Ly sk wiv + Z L v it (4.16)
=1

k'=1

Here, Ly x  is an element of the stator inductance matrix Lgg. It corresponds to the k-th
stator phase and is excited by the k’-th stator phase. Lg,xy, on the other hand, is the
mutual inductance from the 7’-th rotor coil. It is an element of the matrix Ls,. Hence, i\
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and iy are the currents of the k’-th stator and i’-th rotor coil, respectively. Similarly, the
rotor flux linkages are defined as

2NrB

th = Z Lygiwie + Z Lyt (4.17)
/=1

k'=1

Consequently, the full inductance matrix now describes the relationship between the
current vector and the flux linkage vector:

NOEEE Sl Js _ Ls,s Ls,r Zs
¢ =Li= <77Z7r == Lns Lr7r Zr . (418)

Writing the flux linkage equation for every single coil leads to a system of m + 2Ngp
equations.

Equation (4.18) acts as the current-flux linkage function, which means for every set
of stator and rotor currents, the respective flux linkages can be obtained. Furthermore,
it is to mention that in a Line-Start Synchronous Reluctance Machine, the inductance
matrix L is a function of the rotor angle ¥, due to the rotor’s anisotropy. This topic will
be further explained in a later section.

In the simplified, linear case, the function can then be inverted, therefore yielding a
current function for a set of given flux linkages:

i\ (Les Lo\ (s
B 2)' ()

This means that it is possible to freely decide which variable to use as a state variable.
In the past, both approaches have been successfully applied. In the existing model, for
example, the current was used as a state variable.

However, due to the differentiation of the flux linkage, this yields two terms for the
product of Li. Especially the differentiation of the inductance matrix will lead to an
unnecessary computational effort, which is also error-prone. Furthermore, as discussed
in detail in [90], [92], the differentiation of non-linear inductances requires the separation
into apparent and differential inductances. Even the approach of saturation factors to
account for saturation, which has already been used in the existing model, results in an
additional term. Therefore, more matrix operations are needed in any case. For a fast
model, however, the least computational effort possible is desired.

In conclusion, as has already been demonstrated in multiple publications of the author
[A2]-[A4], the flux linkage is the much better alternative to be used as a state variable.
Hence, the current in Equation (4.14) is replaced by Equation (4.19), which yields:

i, R, 0\ (L. Lo\ " [4)  d (4
B-G )Gt (7)) o
Thus far, it was shown how to derive the basic system of equations. As discussed in
Chapter 3, skin effect and saturation are key effects that must be considered for correct
results. In contrast to the application of the Finite Element Method, the development of
a faster model requires a much more profound understanding of both effects. This is the
only way to find methods that reduce the required computing time through simplifications

while maintaining sufficient accuracy. Therefore, the next two sections explain both effects
in more detail before proposing a method to take each into account in the model.
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4.2.4 Consideration of the skin effect

The first effect to focus on is the skin effect. When an alternating electromagnetic field
enters an electrically conductive material, an electromotive force is induced, which causes
eddy currents to flow. These eddy currents produce losses that are covered by the orig-
inating field. This results in a damping effect, as the field becomes weaker the further
it penetrates into the conductor. Hence, more current will flow near the surface of the
conductor than on the inside. If the frequency is increased, the eddy current losses also
increase, which means that the damping effect is higher and the current is concentrated
on an even smaller area near the conductor surface.

In electric machines the skin effect generally applies to all parts that are electrically
conductive, that is, copper and aluminum windings as well as the iron cores of stator and
rotor. The latter, however, are typically made of thin laminations that are electrically
insulated from one another. This avoids eddy currents to flow as much as possible and
reduces the overall losses of the machine.

Regarding the stator winding, it is to mention that series-produced Induction Ma-
chines for industrial applications are typically equipped with a distributed multi-turn
winding of copper or aluminum wires. Hence, the cross-sectional area of the individual
conductors in combination with the low frequency (in this case 50 Hz) shows no distinct
skin effect.

When it comes to the rotor cage, in which the conductors are relatively large and
surrounded by iron, however, the skin effect is of particular importance. When the rotor
is at standstill (s = 1) and the voltage is switched on, the magnetic field of the stator
rotates relative to the rotor. Consequently, voltages of the frequency

fr=sfs (4.21)

are induced in the rotor cage, where f; and f, are the stator and rotor frequency, respec-
tively.

As mentioned earlier, especially the bars of modern LSSynRM rotor cages are very
deep, which hence causes a pronounced skin effect. The field penetrating from the air gap
mostly drives currents near the conductor surface, as illustrated in Figure 4.2 for Motor
IT and Motor III.

It is obvious that the current density distribution is not uniform anymore. Therefore,
the effective resistances of the rotor bars increase compared to the case of evenly dis-
tributed direct currents. From basic Induction Machine theory, it is known that a higher
rotor resistance will lead to higher starting torque, which depending on the machine can
change the start-up behavior.

When accelerating to synchronous speed, the frequency decreases, so the skin effect
becomes less effective. Near synchronous speed, the rotor frequency f. is very low, which
is why the fundamental field can enter deeper into the rotor bars. Nonetheless, as proven
in Chapter 3, the skin effect also affects the behavior near synchronous speed for non-
standard rotor cages. Moreover, the air gap field also contains harmonic components, for
which the skin effect is still active as well.

Thus, due to this behavior over the full speed range, it would not be sufficient to use
a fixed resistance for the rotor bar. Especially at low speeds, where the skin effect is most
pronounced, the rotor currents and therefore the asynchronous torque would be modelled
incorrectly. This is why an approach has to be found which considers for the skin effect
in the rotor bars as accurate as possible.
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Figure 4.2: Magnitude of the current density for Motor II and Motor III at standstill
from time-harmonic 2D FEM.

Traditionally, the consideration of the skin effect in line-start machine models has
been dominated by simplified approaches. In particular, the use of skin effect factors,
which adjust the rotor bar resistance and inductance depending on the rotor fundamental
frequency, is very common [61]. This approach has been successfully applied for LSSynRM
with standard Induction Machine cages in the existing model as well.

Yet, in contrast to standard Induction Machine rotor cage geometries, the non-
standard geometries discussed in this thesis make it impossible to apply the same method.
Instead of being placed in identical slots surrounded by iron with a slot opening at the
air gap, the rotor bars are now more complex.

On the one hand, there are several differently shaped rotor bars, as they are placed in
the different flux barriers. On the other hand, the flux barriers and thus the conductors
placed in them are continuously connected from one side of the pole to the other. This
means that the field can penetrate the same conductor from two sides. This can be seen
particularly well in Figure 4.2b in the outer three flux barriers of Motor III.

Another limitation is that the factors provide an effective resistance adapted to the
fundamental frequency. In Chapter 3, however, it was found that harmonics play a major
role in the start-up process as well. Thus, skin effect factors are ruled out as a suitable
method.

Another approach that has been proven useful is the multi-layer method [75], [83], [84],
which has already been used in the Finite Element model (Section 3.5.4). By dividing
each rotor bar into multiple layers and defining self- and mutual inductances for each
layer, the influence of the skin effect on the current distribution in the conductors can be
approximated. This can be illustrated briefly by taking the example of the current density
distribution previously shown in Figure 4.2. It can be observed that the current density
changes rapidly in the conductive region near the air gap, whereas it can be considered
homogenous for wider areas deeper in the rotor bars. More precise, it is known from
electromagnetic field theory that the variation of the current density with increasing
distance to the conductor surface can be described with an exponential function [85].
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Since all of this has to be considered, it is recommended to choose a logarithmic
approach to determine the height of the individual rotor bar layers to account for skin
effect in the proposed model. This means that there should be more, smaller layers
near the air gap, as this is where the current density changes most, and where also
the high-frequency components of the air gap field induce EMFs. Consequently, there
are less, bigger layers in the middle of the flux barrier, where the current density is
more homogenous. This can be illustrated using again the example of a Finite Element
simulation.

Figure 4.3 compares the current density distribution from a 2D time-harmonic FE
simulation with the approximated current density distribution when the cage is divided
into multiple layers. It corresponds to the simulation from Figure 4.2b, and the same
color scale was used. From the first image (Figure 4.3a) it becomes clear that the result
for N,=1 is far from the real current density distribution. Assuming a mean value for
the whole rotor bar does not reflect the fact that the currents will mostly flow near the
air gap. While the simulation with Np=2 gives an idea about this fact, it still seems
oversimplified.

For the model with Ny, =3 layers already, a good agreement can be observed (Figure
4.3c). When further improving the number of layers, as indicated by Np=4 in Figure
4.3d, the distribution gets closer to the real one. In theory, the skin effect is correctly
modelled for an infinite number of layers.

In practice, it is only relevant to represent the Joule losses P, as accurately as
possible. They generate torque in asynchronous operation and are therefore an important
criterion. As indicated in Figure 4.3, the evaluated losses are already close to the result
from the real current density distribution with N;,=2 layers. However, this result could not
be achieved in every test with other motors, which is why Ny =3 is generally recommended.
Depending on the geometry and frequency, however, N;,=2 may also be sufficient.

Moreover, it is to mention that the layers are considered electrically insulated from one
another. In the model, this follows from the current density in the 2D model exclusively
flowing in axial direction. Hence, the result are Ny, separate rotor cages [84]. In this
thesis, every rotor bar is divided into the same number of layers.

Moving on now to the implementation of the layer method in the presented model,
of which the system of equations is given in Equation (4.14). The following adjustments
are made: The number of rotor voltage equations 2 Ngg multiplies by the number of rotor
cage layers Np,. This can be understood in such a way that the equivalent circuit diagram
from Figure 4.1 is now introduced for each cage layer. Hence, the flux linkages of each
loop not only contain its self-flux linkage, the mutual flux linkage of the stator and the
mutual flux linkages of the other loops of the respective layer, but also those of each loop
of each other layer.

This obviously comes with the disadvantage of an increased computing time for the
parameters, as well as the solution of the system of equations in each time step. However,
regarding the benefits of the method when it comes to considering also harmonic frequen-
cies on the one hand, and the necessity of considering the skin effect in the end-rings of
the cage (see Section 3.5.4) on the other hand, the tradeoff is reasonable. In previous work
[A2], the validity and the benefits of the method could already be proven. The parameter
calculation for the inductances of each rotor loop of each layer and the validation will be
part of later sections.
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Figure 4.3: Magnitude of the current density for Motor III at standstill from time-
harmonic 2D FEM (corresponds to Figure 4.2b). The rotor cage is modelled with different
numbers of rotor cage layers Ny, of homogeneously distributed current densities to approx-
imate the real current density distribution. The scaling of the color map is the same as
in the original figure. The resulting rotor cage losses Prage are given. The value evaluated
from the original time-harmonic FE simulation is 270 W.
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4.2.5 Consideration of saturation

As indicated previously, a function needs to be defined that describes the relation between
the flux linkage and the current. In contrast to the simplified approach of a constant
inductance L in Section 4.2.3, which implies a linear relationship between both quantities,
it must now be clarified, that it is, of course, non-linear in reality. This is caused by the
iron core of the stator and rotor saturating at a certain point, which means that the
flux linkage of a coil no longer increases proportionally to the impressed current. Hence,
what follows is a brief overview of the most important saturation effects in Line-Start
Synchronous Reluctance Machines, before a simplified approach to take them into account
is introduced.

4.2.5.1 Main flux saturation

Starting with the main flux saturation, first fully isotropic machines are assumed as a
simplified example. Furthermore, the rotor is currentless and only the fundamental of the
stator current system is considered. If the material in a 2D magnetostatic Finite Element
model is now implemented with a real B(H )-curve given by the manufacturer (see Figure
3.6), the magnetic permeability p is a function of the flux density B in each element.
Hence, the result is a saturated flux linkage-current function as shown in Figure 4.4 (solid
line). If the permeability is set to an infinitely high value instead, a linear function is
obtained (dashed line) whose slope is determined only by the air gap in the magnetic
circuit.

= = =[] (linear)

/ ¥ (non-linear)

Flux Linkage —
~

Current —

Figure 4.4: Non-linear relation of stator flux linkage and current in an isotropic electric
machine compared to the linear current-flux linkage function.

Moreover, the particular feature of reluctance machines is the anisotropic magnetic
circuit. This means that the flux linkage function depends on the current and also on
the rotor angle [35]. Since the anisotropy of the rotor is caused by the geometry, this is
already true for the linear case. Therefore, the inductance matrix L depends on the rotor
angle as well. Figure 4.5a presents the resulting flux linkage for the linear case. For this
purpose, a current space vector was impressed in the stator winding of Motor II and the
magnitude of the resulting stator flux linkage space vector was evaluated.

It can be seen from the plot that the slope of the linear function is the highest for a
current angle of 0% and 180°%l. In both cases, the stator current space vector is aligned
with the d-axis of the rotor, which has the highest permeance as it consists only of iron



Electromagnetic machine model 81

Flux Linkage —

180

Flux Linkage —

Te > 30 6 plitude!
n 4 mp
e/ 0 0 2cyrrent A

(b) non-linear

Figure 4.5: Magnitude of the resulting stator flux linkage space vector when a current
space vector is impressed into the stator winding of Motor II in 2D magnetostatic FEM.
The current amplitude is the magnitude of the stator current space vector and the current
angle is defined as the angle between the space vector and the rotor’s d-axis. Results are
shown for the linear (a) and the non-linear (b) case. Different color scales were used to
highlight the differently scaled z-axes of both plots.
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flux paths apart from the air gap. When the current space vector is rotated towards the
rotor’s g-axis at 90°l, however, the share of air in the magnetic circuit increases as the
flux has to cross the flux barriers. In consequence, the slope of the flux linkage function
decreases.

Looking at the non-linear case illustrated in Figure 4.5b reveals that this effect is
still dominant. In addition to the linear case, the flux linkage is non-linear as the iron
core saturates. For stator current space vectors at angles of 0% and 180°l, the curve
has the same shape as already shown in Figure 4.4. This is due to the fact the flux is
principally the highest here (see linear case), which is why the iron saturates the most in
this case. For current angles around 90°l, the flux linkage itself is lower and accordingly
the influence of the saturation. This is particularly evident in the less curved shape with
increasing current, which again comes from the higher amount of air in the magnetic
circuit. The remaining saturation mainly occurs in the stator teeth and yoke, and the
rotor iron bridges. What follows as well is that it is important to consider the saturation
states at current angles between both extreme cases because the shape of the curve slowly
transforms from a highly saturated to a less saturated one.

Another important aspect of the saturation in anisotropic machines is that in addi-
tion to the different states of saturation for different current angles, the flux paths of the
axes themselves also saturate differently [35]. This can best be demonstrated by decom-
posing the flux linkage vector from the non-linear simulation into a d- and g-component
with Park’s transform [93|. The results for the transformed values from Figure 4.5b are
compared in Figure 4.6.
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(a) d-component of flux linkage space vector (b) g-component of flux linkage space vector

Figure 4.6: D- and g-component of the stator flux linkage space vector for different current
space vectors impressed into the stator winding of Motor II in non-linear 2D magnetostatic
FEM (corresponds to Figure 4.5b). The current amplitude is the magnitude of the stator
current space vector, and the current angle is defined as the angle between the space vector
and the rotor’s d-axis. Both plots use the same scaling of the z-axis and therefore also the
same colors.

It is apparent from the flux linkage maps, that most of the saturation occurs in the
d-axis. The d-component in Figure 4.6a shows the typical non-linear shape for almost
all current angles except 90°l, where it is approximately zero. The g-component (Figure
4.6b), on the other hand, hardly shows any saturation for most current angles, except
near 90%l. There, however, the saturation starts at much higher currents than for the
d-component of the flux linkage.
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Another effect that is already included in this figure is the so-called cross-saturation.
It describes the dependence of the respective flux linkage component of both current
components. More precise, this means that the d-component of the flux linkage always
depends on both, the d- and g-component of the current. This applies for the g-component
of the flux linkage as well.

Furthermore, what is striking in Figure 4.6a is that the slope of the d-component
gets negative for high current amplitudes and angles close to 90°%l. Therefore, a highly
saturated d-axis causes more and more flux to flow through the g-axis. In terms of the flux
linkage space vector, this means that although its total magnitude continues to increase
in accordance with the non-linear function as the current amplitude increases, the vector
itself rotates towards the g-axis.

This behavior is illustrated in Figure 4.7, which displays the angle of the flux linkage
space vector in relation to the current amplitude for different current angles (both for the
linear and the non-linear case). The figure is quite revealing in several ways. First, it shows
the aforementioned phenomenon that the flux linkage space vector rotates towards the
d-axis for low currents and then begins to rotate towards the g-axis for higher saturation
(Figure 4.7b). This does not occur in the linear case because the iron flux paths do not
saturate and p is constant (Figure 4.7a).

Second, it reveals that the flux linkage space vector is by no means aligned with the
current space vector. This is a particular feature of anisotropic machines as well, which is
why it is present in the non-linear as well as in the linear case. Hence, for small currents,
the angle of the flux linkage space vector is nearly the same. It only differs due to the
different permeability defined in the linear case and the one resulting from the B(H)-curve
for small currents. When the current increases, it only rotates towards the g-axis in the
non-linear case due to saturation.
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Figure 4.7: Angle of the flux linkage space vector versus the amplitude of the current
space vector for different current angles in the linear and non-linear case. It was evaluated
from the d- and g-component of the flux linkage (non-linear case corresponds to Figure
4.6). Each plot is colored according to the corresponding current angle, whereby the value
is given for selected plots on the right. The shown plots refer to current angles from 0 to
90%l in 7.5%l steps.

4.2.5.2 Saturation of iron bridges

Thus far, the important aspects of the main flux saturation caused by the stator currents
have been introduced. Before proceeding to describe the influence of the rotor currents,
it is necessary to focus on a further effect that occurs in modern Line-Start Synchronous
Reluctance Machines and has not been covered in previous work of Giidelhofer, which is
the saturation of iron bridges in the rotor. Figure 4.8 illustrates this phenomenon using
the example of Motor III.

If a stator current space vector is impressed at an angle of 0%, the flux linkage space
vector is aligned with the rotor’s d-axis (cf. Figure 4.5b). Therefore, the magnetic flux in
the rotor flows through the iron paths between the flux barriers and not through the iron
bridges (or “iron ribs”) in the flux barriers, as they are perpendicular to the iron paths of
higher permeance of the d-axis.

However, the tangential iron bridges on the outer diameter of the rotor are an ex-
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Figure 4.8: Illustration of the saturation of iron bridges using the example of a stator
current space vector at two different angles for Motor III from 2D non-linear magnetostatic
FEM. The top figures show the magnetic flux density (only in the iron domains), whereby
flux lines highlight the orientation of the magnetic field. The bottom figures show the
corresponding relative permeability. The difference between the permeability of the stator
and rotor is due to the use of different steel grades (cf. Figures 3.2 and 3.3).

ception, as they better collect the air gap flux on the smooth rotor surface and therefore
saturate slightly. Hence, their permeability for a flux linkage space vector aligned with
the d-axis (Figure 4.8 bottom left) is already slightly decreased compared to the wider
iron paths between the flux barriers. The effect on the air gap magnetic field, however, is
usually small for low to medium currents.

If the stator current space vector is now rotated to an angle of 45°i, the flux linkage
space vector has both a d- and g-component. Hence, the gq-component searches for the
most conductive flux paths, which are the small iron bridges. The flux density in these
areas strongly increases (Figure 4.8 top right), which is why the relative permeability
of the bridges is now significantly reduced (Figure 4.8 bottom right). This has a major
influence on the air gap field, in which field dips occur above the saturated bridges that are
similar to the slotting effect of Induction Machines with slotted rotors, which is illustrated
in Figure 4.9. It is observable, that the fundamental of the air gap field decreases due to
the rotated current space vector. In addition to the field dips caused by the stator slotting,
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which are already visible for 0°el, there are now also field dips due to the saturated bridges.
This could be expressed with a higher carter factor, for example. Of course, the harmonics
increase as well and can vary depending on the saturation state.
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Figure 4.9: Radial component of the air gap flux density for one pole-pair of Motor III,
corresponding to the simulations in Figure 4.8.

4.2.5.3 Influence of the rotor currents

Moving on now to discuss the influence of rotor currents on the saturation of a Line-Start
Synchronous Reluctance Machine. Since all the effects mentioned so far already occur
when the rotor cage is currentless, they can be assigned to the synchronous operation of
the machine. However, during the start-up in asynchronous operation, currents flow in
the rotor cage that also influence the saturation behavior. As the asynchronous operation
of an LSSynRM is similar to that of an IM, the saturation effects known from Induction
Machine theory can be applied here.

The rotor current increases with increasing slip. Since the resulting rotor field is in-
duced by the stator field, it counteracts its cause and thus dampens the generating stator
field. The fundamental wave therefore becomes smaller at high slip (if the rotor is not
skewed ), which is why it does not cause the iron to saturate as much. It is therefore essen-
tial to take the effect of the rotor field into account. Otherwise, if only the stator currents
were considered, the saturation in asynchronous operation would be overestimated.

In addition, the effect of the damped stator field in causes the flux to flow closer
to the air gap because it cannot enter the rotor as much. This can be described as a
shielding effect of the rotor cage, which becomes greater as the slip frequency increases.
Since in the most extreme case at standstill (s = 1) the flux only flows along the leakage
paths (that is, the stator tooth tips and rotor iron bridges), this effect is called leakage
path saturation [35], [75]. As already mentioned for the existing model, neglecting this
effect can lead to deviations in the start-up behavior predicted by the model. This will
be investigated in the validation.
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4.2.5.4 Finding a fast and sufficiently accurate method

Now that the main saturation effects that occur in a Line-Start Synchronous Reluctance
Machine have been explained, a suitable method for consideration in the model can be
derived. While in early calculation models saturation has been neglected to simplify the
model, the previous introduction has clarified that it would lead to wrong results.

The question is, however, how much in detail it should be modelled because it will
increase the computing time, which is a key factor for this model. As innumerable studies
in the field of electrical machine modeling (including the existing model and previous
work of the author) have proven, it is often sufficient to consider only the most important
effects of iron saturation on the machine behavior. Thus, it is worked out in the following,
how to consider for saturation accurate enough but as simple as possible.

In general, different methods can be applied to find the non-linear flux linkage-current
function. Typically, these are analytical methods, numerical methods and measurements.
Due to the high availability of computing power and the advantage of being able to simu-
late a machine without prior measurements, numerical methods are particularly suitable.
However, not every method fulfills the requirement of a short computing time if a certain
accuracy is to be achieved.

This is the case with standard lookup tables, for example, which are one of the most
popular methods nowadays. For synchronous machines, usually lookup tables are calcu-
lated with magnetostatic FEM and then interpolated for each time step in the model to
provide the current for a given flux linkage or vice versa. In practice, the flux linkages
therefore have to be calculated for many sets of different input currents using magneto-
static FEM. In the case of synchronous machines, this is usually not a major effort, as
there are only m stator currents and, in the case of electrically excited machines, no more
than one additional rotor excitation current [90], [92].

Regarding the saturation phenomena presented, this corresponds to saturation in
synchronous operation, in which a stator current space vector varies in magnitude and
angle and thus changes the saturation state of the machine. The optional excitation
current is an additional parameter that also changes the main saturation. The function
to be described therefore has a stator space vector and a value for the excitation in the
rotor as input and output variables:

<wsa wexc) = f <isa Z.exc> . (422)
In Line-Start Synchronous Reluctance Machines, however, there are m stator and
additional 2/Ngg rotor currents, which influence the saturation state during asynchronous

and synchronous operation. The chosen method of considering the skin effect through
several rotor cage layers even multiplies the number of rotor currents by a factor of Ny:

(7o W, Bz W, ) = T (R inas o) (4.23)
It is obvious that this leads to an enormous number of variations for the m + 2Npp /Ny,
currents, which would cause a considerable computational effort that is impractical.

In contrast to the stator current system, which is fully symmetrical, the rotor current
system now lies in arbitrary arranged flux barriers. Replacing it with a space vector
(based on a dq0 system, for example) would lead to a loss of accuracy and an increase in
complexity in the parameter calculation. Moreover, even the case of only one rotor current
as in [90], [92] can lead to computing times that are impractical. Therefore, it follows
that a suitable method for taking saturation into account must be further simplified.
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4.2.5.5 Saturation factor method

In the case of Induction Machines [94] as well as for LSSynRM in the existing model [54],
[55], a global saturation factor has already been applied successfully. The basic principle
can be best explained for the simplified case of one single current and flux linkage, as
previously shown in Figure 4.4.

The constant inductance L of the linear flux linkage function is now multiplied by
a current-dependent saturation factor Ag,;. This adjusts the proportionality for a given
current so that the relationship

W = f(I) = Aw LI (4.24)

with
0< Asat S 1

is correct for that particular current. The same is possible for finding the current to the
given flux linkage:

I= F0) = ks (4.25)
where kg, is now the inverse of Ag,; and therefore kg > 1.

Figure 4.10 further demonstrates this principle. For the first current value at point
a, the saturation factor Ay, is at its maximum because the current-flux linkage function
is still in the unsaturated, linear range. As the slope is constant in this range, Ag. is
constant as well.

When the current is further increased, as for the points b and ¢, the iron saturates
and the slope has to be adapted by the saturation factor. This can be best observed
when looking at the slopes of the functions indicated with gray dotted lines. The higher
the saturation, the lower the factor Ag,; and therefore the lower the slope of the adapted
linear function for the respective current.

Since it originates from analytical models, this principle is often explained by saying
that the saturation factor Ay, reduces the air gap permeance of the machine, or that the
geometric air gap width is virtually increased by k... Both cases lead to the same result
of a lower slope, but are merely illustrative.

In practice, the saturation factors are best obtained by measurements or the non-
linear Finite Element Method by determining the non-linear function ¥(7) for multiple
sample currents and dividing it by the linear reference LI:

v(I)

LI
Then it can be interpolated from a lookup table for any given current in the model (Figure
4.10b). This is particularly useful if more than one current is to be modeled, but their

influence on the saturation is assumed to be the same because the same factor can be
multiplied by the entire system of equations. Hence, it follows:

U = gL (4.27)

Nt = (4.26)

for the system of multiple coupled stator and rotor coils.

Yet, as already mentioned, many of the assumptions and simplifications do not apply
to LSSynRM. First, it was pointed out above that the saturation also depends on the
angle of the stator current space vector and differs for both axes. Second, the effect of
the rotor currents has to be considered. Both aspects will be explained in the following.
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Figure 4.10: Illustration of the principle of adapting the linear flux linkage function LI
with a current-dependent saturation factor Ag,¢ to fit the non-linear flux linkage ¥ for every
current value. For three selected points (a,b,c) on the non-linear flux linkage function, the
corresponding saturation factors are highlighted.

4.2.5.6 Stator saturation factors

Due to the dependence of the saturation on the current angle, the saturation factor
function depends on two input variables Ag(Z,7y). This has already been successfully
implemented in the existing model. As mentioned above, however, the saturation states
of the d- and g-axis differ from each other (cf. Figure 4.6), which must also be represented
by the saturation model. Therefore, a dg-saturation factor model is introduced, which
follows the principle presented in [47] and will improve the accuracy of the existing model.
It has already been published in [A3| and [A4] and will be explained more detailed in the
following.

Using the d- and g-component of the non-linear stator flux linkage space vectors as
presented in Figure 4.6, the information on the saturation behavior of both axes is already
known. Hence, in addition to these functions evaluated for non-linear material properties

ws,d ([, ,7)/1:]”(3) and !ps,q (Ia V)MZf(B) )
the linear functions

!ps,d (I7 7>M:const. and l‘pqu (I’ ’y)u:const. ’
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have to be evaluated as well. Just as for the saturated case, the d- and g-components of
the flux linkage vector are determined as a function of I and ~y for the linear case (Figure

4.11).

Flux Linkage —
Flux Linkage —

\
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(a) d-component of flux linkage space vector (b) g-component of flux linkage space vector

Figure 4.11: D- and g-component of the stator flux linkage space vector ¥s q (1, ’V)u:const.
and s (1,7) Ji=const. for different current space vectors impressed into the stator winding
of Motor II (corresponds to Figure 4.5a). The current amplitude is the magnitude of the
stator current space vector, and the current angle is defined as the angle between the space
vector and the rotor’s d-axis. Both plots use different z-axis scalings.

The two calculations can then be used to determine the saturation factors of the two
axes for each pair of stator current amplitude and angle:

Ysa (L,7),= Vg (1,7) =
AWy o (1) = 2 (L 7)u=s(3)
wsad (I7 W)u:const. Wsuq (I’ ’Y),u:const.

and W5 (1,7) ,—cons. are evaluated from the results of the linear

. (4.28)

Asat,d <]7 7) ==

where Uy q (1,7)
function L.

Figure 4.12 shows the resulting saturation factor functions for both axes for the sample
points shown in the example in Figures 4.6 and 4.11.

If both plots are compared, it is obvious once more that both axes saturate differently,
which could already be assumed looking at the flux linkage plots. Therefore, it is also
possible to reproduce the rotation of the flux linkage vector towards the g-axis at high
saturation in the model. This could not be achieved with a single saturation factor.

Looking at Figure 4.12a, which shows the saturation factor of the d-axis, it is apparent
that the saturation is quite similar for current angles 0 < v < 60°l. This matches the
observation made for the non-linear flux linkage component of this axis (Figure 4.6a),
which also looks similar for these current angles. First, the saturation factor drops fast
for increasing current amplitudes, whereas the slope converges to a small negative value
for higher currents, once the iron domains are fully saturated.

The difference in absolute value for these current angles, which increases for increasing
current values, is caused by the change of the linear flux linkage function, which varies
more in this area (see Figure 4.11a). For current angles 7 > 60°l, the saturation factor
is significantly higher because the iron paths of the d-axis do not saturate as much, when
the flux linkage space vector is (almost) aligned with the g-axis and becomes shorter due
to the less permeable flux paths.

p=const.
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Figure 4.12: Saturation factor functions for the d- and g-axis evaluated as the relation
between non-linear and linear current-flux linkage components shown in Figures 4.6 and
4.11, respectively. Both functions have been evaluated with 2D magnetostatic FEM for
different current angles, which are indicated with different colors.

Moreover, what stands out in the figure is that neither of the functions start at a
saturation factor of 1 for a current of 0 A. This is caused by the chosen value of relative
permeability in the linear flux linkage calculation, which was set to pu, = 107. This
makes the iron domains ideally conductive compared to the air domains, where pu, = 1.
Because the B(H )-curve used for the non-linear calculation has a lower maximum value
of permeability (approximately p, ~ 4000 depending on the electric steel grade) the slope
of the linear function is different. However, this does not have any effect on the model,
which is why the permeability can be set to arbitrary values. The saturation factor always
yields the correct non-linear flux linkage.

In contrast to the d-axis, the saturation factor of the g-axis (Figure 4.12b) shows much
less saturation for all current angle values. The g-axis mainly consists of large air domains
in relation to the iron domains, which is why its behavior is “more linear”, meaning the
curves are much flatter than those of the d-axis saturation factor. Furthermore, the
absolute values are obviously higher when comparing them for the same currents as for
the d-axis.

The observation that the saturation factor is lower than 1 for small currents can be
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made here as well. However, the value is higher than for the d-axis because the share of
iron domains, of which the relative permeability is set to u, = 107, is smaller. Hence, the
influence of the higher permeability is not as high, which causes the results of the linear
flux linkage calculation to be closer to the non-linear one.

It should also be mentioned that the saturation of iron bridges (as presented in Figure
4.8) is already included in this model if the non-linear reference is calculated accordingly.
However, the saturation factor method can only take into account the influence on the
fundamental wave, that is, the adjustment of the magnetizing current to a higher value
required to saturate the iron bridges. Hence, saturation effects on the third and fifth
harmonic of the current due to the saturation of stator teeth and yoke [95], for example,
cannot be represented by this method.

In contrast, the saturation-dependent Carter factor, which results from a virtual open-
ing of the rotor bridges, is taken into account. The harmonics caused by the saturated
bridges, however, also cannot be considered. Further aspects on this topic will be discussed
in the section for parameter calculation.

4.2.5.7 Application to the model

Both saturation factors for the stator must now be included in the model. Hence, Equation
(4.27) changes to
77Z) = Asat,SLs,sis (429)

for the stator equations, where Ag, s is the stator saturation factor matrix, including both
saturation factors. As a result, from this point onwards, the flux linkage vector in the
model always refers to the resulting variable from the non-linear function. It should also be
noted that the flux linkage and the current vectors are now labeled with lowercase letters,
as these are the time-varying variables of the model and no longer constant variables for
derivation purposes. Consequently, this also results in the fact that the instantaneous
value of both vectors will be used as input for the saturation reference in each time step
in the model.

Since the model in this chapter is derived as a phase-domain model, the saturation
factors Agata and Asagq cannot be inserted directly into the matrix. Instead, the matrix
must be transformed from the dq0 system into the abc system. For this purpose, the
complete matrix for the stator in the dq0 system

Asat,d 0 0
Asat,s,qu = dlag (Asat,d7 Asat,qu Asat,()) = 0 Asat,q 0
0 0 Asat,O

is defined at first. The additional factor for the zero system Agy is set to the mean
value of the values for d- and g-axes. Applying Park’s transformation to the current-flux
linkage function in the dq0 coordinate system

@Es,qu = Asat,s,qu <Ls,szs> 5 (430)
dq0

yields B
ws = KEIAsat,s,quKPLs,sim (431)

where Kp is the transformation matrix. Then

Asat,s = Asat,s,abc = KglAsams,quKPa (432)
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yields
Asin A1z Agis
Agars = | Aso1 Asoz Asas | (4.33)
Aszr Aszo g3z

which is not a diagonal matrix anymore but a fully occupied one.

4.2.5.8 Rotor saturation factor

In the existing model, the single saturation factor has been multiplied by the whole set of
equations, and hence the rotor equations. Since the saturation factor matrix Ag,gs now
only manipulates the stator flux linkages, a rotor saturation factor matrix Ag,y, has to be
defined as well.

It is assumed that the saturation state of the flux paths of the rotor coils is also mainly
caused by the influence of the saturation by the stator currents. Thus, the saturation
factors of the stator also serve as the basis for the saturation factors of the rotor. They
can be transformed to rotor saturation factors that depend on the angular position of the
rotor loop relative to the d-axis. Hence, the ¢-th rotor loop that is positioned at the angle
0; receives its saturation factor from:

Apy = \/ (Agat.a €08 0;)% + (Agagq 5in 6;)°. (4.34)

The angle is evaluated from the centroid of both rotor bar ends of a loop, as indicated
in Figure 4.13. Loop 1 in this figure is on the d-axis, for example. Hence, when Equation
(4.34) is evaluated, A;1 = Asarq. In contrast, loop 4 is on the g-axis, and its saturation
factor equals Ag,t . Every other loop in between those two therefore receives a saturation
factor between both values.

Figure 4.13: Definition of the angle 6; for the first four rotor loops. It defines the relative
angle between the rotor’s d-axis and the i-th loop.

Concerning the layer model to account for skin effect, it is to mention that the angle
is the same for each layer. This makes the most sense in terms of simple implementation,
but also regarding the saturation state of the machine.

The rotor saturation factor matrix is then constructed as a diagonal matrix with the
corresponding values as follows:



94

Agarr = diag (Av 1, Aro, - ooy AroNgpNy ) - (4.35)

The complete current-flux linkage function for the model hence becomes

77;5 _ Asat,s 0 Ls,s Ls,r Zs
(1/;; N 0 Asat,r Lr,s Lr,r ;r . <436>

4.2.5.9 Consideration of the influence of the rotor currents with the satura-
tion factor matrix

Moving on now to the influence of the rotor currents, for which a convenient solution
has already been presented in the existing model [54], [55]. The key factor in retaining a
fast model is that the rotor currents were not considered when calculating the saturation
factors. Otherwise, the calculation of saturation factor lookup tables would still require
an unreasonable number of sample points for different sets of input currents.

Instead, a method is introduced that generates the same saturation state of the ma-
chine in the model for a virtual machine with stator currents only. A virtual stator current
vector is thus obtained that generates the same stator flux linkages as the entire vector
of stator and rotor currents in the model. The procedure is clarified in the following.

An arbitrary input current vector is defined

> 1
tin=1= ],
3%

which, when inserted into the non-linear current-flux linkage function (4.36) defined by
the model, creates a specific output flux linkage vector:

Yous = (g) =f <?Z> . (4.37)

In this vector, the information on how the stator magnetic field is damped by the rotor
magnetic field is already included.

Then, the method assumes that the stator flux linkage vector JS is only produced by
a virtual stator current vector ]_;* , which is unknown. By reducing the current-flux linkage
function in (4.36) to the stator equations and hence only using the stator saturation factor
matrix Ag, s and the self-inductance matrix Ly, it can be solved for f;‘:

I_: = (Asat,sLs,s)_l 77;& (438)

In this case, 1/_); has a lowercase letter because it refers to the instantaneous value obtained
from the model. In contrast, I:* refers to the virtual machine, which always has a static
saturation state that is independent of time.

Transferred to the motor model, this results in a stator current vector that produces
the same stator flux linkages JS as the real current vector (;s, Zr)T, consisting of stator and
rotor currents. Hence, fs* can now be transformed to a space vector and its magnitude [
and angle v* are used as inputs for the saturation factor lookup tables.

This method massively reduces the preliminary calculation time because the satura-
tion factors depend uniquely on the magnitude and angle of the virtual stator current
space vector and not on the rotor currents. However, the limitation of this approach
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is that the saturation state usually is more complex during asynchronous operation be-
cause the air gap field is influenced by both stator and rotor field. This cannot be fully
represented by the method of a virtual stator field.

Furthermore, especially during asynchronous operation, it is to assume that the rotor
iron bridges are mainly saturated due to leakage flux of the rotor coils. In different
saturation states during start-up, the leakage inductances of each defined coil are therefore
not constant, as the bridges are saturated by both the stator and rotor fields.

In general, the model is limited by the fact that the air gap magnetic field is unknown.
This means that only the fundamental, but no harmonic content, can be manipulated.
Harmonics resulting from the slotting effects will therefore always be the same as in the
linear case. Any local saturation effect cannot be fully represented.

However, the consideration of the resulting fundamental field is assumed to be suf-
ficiently accurate. With the existing model, it has already been demonstrated that the
combination of a single saturation factor and the virtual stator current method pro-
vides good results. The gain in computing time compensated for the loss in accuracy.
Furthermore, it can be assumed that the improved consideration of saturation using a
dg-saturation factor model as presented above can increase the accuracy even further.
This will be demonstrated and discussed in the final validation in this chapter.

4.2.5.10 Remarks on the computing time

Overall, it is obvious that the separation into two single saturation factors already provides
much more insight on the machine’s saturation behavior. In addition, it is to be mentioned
at this point that the evaluation of two saturation factors instead of one single factor
does not require more preliminary calculations. In the existing model, the method for
evaluating the single saturation factor has been the same, but the information on the
angle of the resulting flux linkage space vector has not been used. Instead, the saturation
factor has been evaluated only from the amplitude of the linear and non-linear flux linkage
space vectors. Therefore, only the evaluation procedure of the saturation factors has to
be adapted by splitting both vectors into their d- and g-components, as demonstrated
above.

Looking at the preliminary calculation in terms of the overall computing time, the
additional time required is small compared to the computationally intensive calculation of
non-linear flux linkage samples for numerous stator current space vectors. The amount of
additional storage is no challenge for modern computers as well. However, for the model
itself, a second saturation factor requires a second interpolation step, which doubles the
amount of interpolation time. Nevertheless, this increase is relatively small and still
reasonable regarding the gain in accuracy from the improvement. The whole process of
saturation factor evaluation and interpolation in the model will be clarified later in this
chapter.

To conclude this section, the key aspects of saturation, namely the main flux satu-
ration of LSSynRM and the influence of the rotor currents, have been discussed. It was
briefly explained, how the saturation will be considered in the model. In the next section,
the final system of equations of the model will be derived, which takes into account the
discussed saturation phenomena and the skin effect. When the model is finally complete,
the section on parameter calculation explains exactly how the methods described are to
be implemented in practice. A further section then explains the solution of the system of
equations, considering all the previously discussed extensions.
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4.2.6 Final system of equations (electromagnetic)

At first, the stator equations are adapted. Now, the sum of the mutual flux linkages from
the rotor to the stator contains 2 Ngg /Ny, single flux linkages:

d 2Nw N1,
ux = Rpn xix + &@bk = Rpnxix + — T (I; Py + 1/221 @Dkl) : (4.39)
This also applies to the rotor equations:
ZNFBNL
0 =2Rgiiri+Rb; (iri — iri—1) +Rbi+1 (IRit1 — IRri) dtzwlk+ Z iy (4.40)

k'=1

The matrix form of the full system of equations following from Equation (4.20)

s R, 0) (i s
-5 964
must then be completed by inserting the new current-flux linkage function (4.36) including
the saturation factor matrix, which is transformed to:

- —1 —1 Ing
g _ Asat,s 0 Ls,s Ls,r ¢s
(i) N ( 0 Asat,r) <Lr,s Lr,r) (Jr) ' <442>

If kq is defined as the inverse of the saturation factor matrix A, Equation (4.41) results

in:
Us o R, O ksat,s 0 LS,S Vs b
(6 ) B (0 Rr> ( 0 ksat,r) (L L) <¢> +— ( %) (4.43)

This is transformed to

(%) _ (u) B (Rs 0 ) (k 0 ) (L L) B <w> (4
dt @ZJ 0 0 Rr 0 ksat,r Lr,s Lr,r 77[;; ’ '
which is the final system of equations to be solved.

As can be seen in this equation, the flux linkage vector 1; = (z;s, Jr)T from the non-
linear current-flux linkage function is now the state variable. This is a clear advantage
over the approach previously published in [A3] in terms of computing time and simplicity
of the model. Instead of a complicated derivation with an additional virtual linear flux
linkage, the model now only contains real physical quantities except for the saturation
factor. The time derivative of the saturation factor, which could worsen the convergence

of the model and was already present in the existing model, is avoided. This considerably
improves the numerical stability of the model.
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4.2.7 Parameter calculation

4.2.7.1 Inductance matrix

The inductance matrix is a crucial part of the calculation procedure. It provides the
basis for the current-flux linkage function that is adapted by the saturation factors to
fit the non-linear relation of both quantities. Even though the saturation factors can
only manipulate the fundamental wave, the inductance matrix can still represent space-
harmonics induced by the geometry. In this way, the real behavior can be reproduced as
closely as possible. Hence, special focus in this section lies on the accurate representation
of slotting effects and the rotor’s anisotropy.

Moreover, it is to note that, in general, the inductances can be defined as desired.
This means that every stator phase can be broken down into groups of coils, single coils or
even parts of it. The same is valid for rotor loops. However, for the case of a Line-Start
Synchronous Reluctance Machine in 2D with linear materials, it is sufficient to define
the inductances as already introduced in the linear model (Section 4.2.3). To clarify the
definition and calculation of inductances for non-standard rotor cages, the procedure is
described in detail in this section using Motor II as an example.

At first, the indexing of matrix elements should be defined. For a three-phase stator
winding, the stator self-inductance matrix is constructed as follows:

Ls,s,l,l Ls,s,1,2 Ls,s,l,S
Ls,s: Ls,s,Z,l Ls7s,2,2 Ls,s72,3 5 (445>

Ls,s,3,1 Ls,s,3,2 Ls,s,3,3

where Lg g 1 is the self-inductance of the first phase, and Lg ;19 and Lg ;1 3 are the mutual
inductances from the second and third to the first phase, respectively. This matrix equals
the standard self-inductance matrix of a three-phase stator winding.

To complete the stator equations, the mutual inductances from rotor to stator have
to be defined as well. Each element L,y i1 refers to the respective phase k and the loop
i’ in the layer [:

Lsr_

)

Ls,r,l,l,l Ls,r,1,2NFB,1 Ls,r,l,l,NL Ls,r,l,QNFB,NL
= , . (4.46)

Therefore, L, 11,1 describes the mutual inductance of the first rotor loop in the first rotor
cage layer to the first stator phase. Each row has 2/Npg Ny, elements.

The indexing of the rotor inductance matrices follows the same rules. It is worth
mentioning that the inductance matrix L, , is expanded according to the number of layers
Ny,. The full inductance matrix L and its indexing is given in Figure 4.14.
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Figure 4.14: Inductance matrix of a three-phase Line-Start Synchronous Reluctance
Machine with 2 Ngg rotor loops in each of the Ny, rotor cage layers.

Since the 2D Finite Element Method is applied, the resulting inductances only rep-
resent the part of the coil embedded in the iron core. Before explaining the calculation
procedure, it is therefore necessary to break down the self-inductances and mutual induc-
tances into their components.

The self-inductance of a stator phase consists of the air gap inductance Lgs, the slot
leakage inductance Lg 4, and the end winding leakage inductance Lg e, which yields

Ls,s,k,k = Ls,é,k + Ls,o‘s,k + Ls,cre,k (447>

for the k-th stator phase. This also applies to the self-inductance of the i-th rotor loop in
the [-th layer:
Lyviitg = Lesig + Lrosil + LroRiils (4.48)

1Oyl

where L, g1 is the ring leakage inductance.

Due to the calculation of the inductances with 2D FEM, the air gap inductances and
the slot leakage inductances are already included in the resulting inductances Lg ppm x and
L, vemiy. This means, the end winding leakage inductances have to be calculated sepa-
rately. Because the objective is a versatile model, both end winding leakage inductances
are estimated based on empirical leakage factors [73]. These have already proven to be
accurate enough in the previously presented FE model.
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Now, the 2D magnetostatic Finite Element model can be discussed. First, it is to note
that a constant permeability for iron domains is defined, which is set to a (numerically)
infinite value (y, = 107 is sufficient in this case). However, as the iron bridges in the rotor
do not saturate in this case, they create a magnetic short circuit for the rotor flux. This
would cause the stator inductances to not represent the anisotropy correctly.

Hence, they have to be “opened”, which means their permeability is set to u, = 1
(Figure 4.15). This has already been proposed in [54], [55], where one motor design had
iron bridges placed underneath the rotor cage. Yet, bridges are now also placed at the air
gap, which means that an opening causes a slotting effect that is not actually present in
the unsaturated case.

Stator/
. t
tangential ro o_r 11r(§)7n
bridges o
Hr = 1

radial
J e bridges
\ 7 pr =1
[~
»'

'u—| K\

Figure 4.15: Open rotor iron bridges (highlighted in light blue) in Motor II to avoid
magnetic short-circuits in the inductance calculation with constant permeability.

Nevertheless, it can be expected that the results will not deviate too much. The
slotting effect will also occur in the non-linear case, where the saturated iron bridges will
have a small relative permeability. The harmonics that also occur in the air gap field and
cause a reaction of the stator and rotor currents therefore also occur in reality. Only the
amplitude of the individual frequency components will differ depending on the saturation
state. However, if the slot width is well-chosen, it comes relatively close to reality for
many operating points. This topic will be further explained in the validation section.

Each element of the inductance matrix is then calculated by impressing a current in
the respective stator phase or rotor loop and evaluating the flux linkages off all coils of the
system. The total inductance matrix is calculated as a function of the rotor angle ¥, for
a sufficient number of discrete sampling points (one step per 1°mech, for example). This
allows for consideration of space harmonics caused by the stator slots and saturated rotor
bridges. Because in this thesis the rotor cage geometry differs from standard cages, the
definition of rotor loops and the inductance calculation is illustrated for three different
cases and Np=1 as an example in Figure 4.16.

As can be seen, the calculation for the self- and mutual inductances of the stator
phases is straightforward (Figure 4.16 left). For the example of the second rotor loop
(middle), the top figure shows the current densities in both contiguous bars. This results
in a magnetic flux distribution mostly in between both flux barriers, as shown in the
bottom figure. This behavior can also be observed for almost all other loops. Only those
consisting of the bars in the outermost flux barriers show fundamentally different field
lines (right). As indicated by the figure on the bottom right, the flux is now forced to
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Figure 4.16: Illustration of the inductance calculation of Motor II for the first stator
phase and two different rotor loops at a rotor angle of ¥y = 0°mech with Ny =1 layer. A
current of 1 A is impressed in the respective stator phase or rotor loop (top row), which
results in a magnetic field as indicated by the magnetic field line plots (bottom row).
The self-inductance of the respective phase or loop and all mutual inductances are then
obtained by evaluating the flux linkages.

flow vertically through the flux barrier due to the impressed currents on both sides. This
is a particular feature of the modern rotor cage design.

Comparing the resulting inductance functions, the need for a sufficient number of
discrete steps for the rotor angle becomes obvious. Figure 4.17 displays selected elements
of the inductance matrix of Motor II versus the rotor angle. The angle was varied in
1°mech steps. Note that the indices [ and I” have been removed for the sake of simplification
because the rotor cage is only modelled with 1 layer.

Looking at the stator self-inductance Lsg; 1 in Figure 4.17a, the typical shape for a
reluctance machine is observed. At ¥, = 0°mech, the flux is aligned with the d-axis of the
rotor, so the inductance is at its maximum. If the rotor angle is increased, the inductance
decreases until it finally reaches its minimum at 90°mech. At this angle, the flux vector
is exactly aligned with the g-axis. From 0°mech to 360°mech, the two-pole motor therefore
has two maxima and two minima.

From the data in the same plot, it is also apparent that the inductance varies due to
the slotting effect of the rotor. It is influenced by the relative position of the rotor to the
stator slots. Taking these minor changes into account is crucial for the consideration of
space harmonics.

This can also be seen in the mutual inductances from the rotor to the stator, two
selected examples of which are shown in Figure 4.17b. Especially for Ly, ;2 (light blue)
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Figure 4.17: Selected elements of the inductance matrix of Motor II for Np=1 as a
function of the rotor angle ¥, calculated with linear 2D magnetostatic FEM. The function
is evaluated for steps of 1°mech and then interpolated with monotone spline-interpolation.

the slotting effect is obvious. But also the plot of Lg,;; (dark blue) reveals a slight
influence of the slotting.

The effect caused by the stator slots are best highlighted with the self-inductance of
the second rotor loop, shown in Figure 4.17c. The function is periodic for 10°, which
equals the stator slot pitch. This is hence a good measure for the maximum step size,
since the inductance for one slot pitch should be modelled with enough discrete steps.

Regarding the time needed to obtain the full matrix for a discrete number of sample
points, it is best to use symmetries to minimize the computing time. The total number
of single FE evaluations is (m 4 2NpgN1,) multiplied by the number of discrete steps for
the rotor angle. In the case of Motor II with 3 stator phases and 12 rotor loops in Ny=1
rotor cage layer, there would be already

(3412 Np) - 360 = 15 - 360 = 5400

evaluations. The need to have at least Ny, =2 layers for considering the skin effect further
increases this number.
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4.2.7.2 Saturation factors

The calculation method for the saturation factors introduced in section 4.2.5 will be
explained in more detail in this section. Furthermore, the method to account for iron
bridges in the rotor will be discussed.

The general procedure for calculating the saturation factors has already been ex-
plained: A reference is required for the linear and for the non-linear flux linkage function.
Both are a function of the magnitude I and angle v of the stator current space vector.
For the linear reference, it makes sense to use the previously calculated inductance matrix
to obtain the sample points: .

Ys.a(1,7) p=const. = L. (4.49)

This is far more efficient than calculating each point with the 2D magnetostatic FEM,
even if it is only a linear model.

The non-linear reference ¥ 4(/,y),=gs) is then calculated with non-linear FEM. A
parameter study is defined to vary the magnitude and the angle of the current space
vector.

In both cases, the resulting flux linkages of the three stator phases are then trans-
formed to a flux linkage space vector, to obtain its d- and g-component by applying Park’s
transform. Finally, Equation (4.28) is applied, which yields the saturation factors of both
axes.

Furthermore, it should be noted that the result also depends on the relative position of
the stator and rotor. This is due to the slotting effects that cause a changing flux linkage
space vector for different rotor positions, which was already discussed for the inductance
calculation. Figure 4.18 shows examples of the resulting functions for three different
current angles and their sample points. This figure clearly proves that the sample points
for different rotor positions deviate from the mean value, especially in the non-linear range
of the function and at higher current angles.

The following recommendation can be derived from this finding: Depending on the
desired accuracy, several sample points for the rotor angle per I,y pair must be calculated.
For the sake of visualization, 25 points were calculated in this case. However, a number
of 5 points or more should be sufficient without losing too much accuracy.

A closer look at the two graphs reveals another fact: The flux linkage of the d-axis is
zero at an angle of 90, since there is only flux in the g-axis (Figure 4.18a). Conversely,
this also applies to the flux linkage of the g-axis for a pure d-axis flux at 0% (Figure
4.18b). As this is also the case in the linear reference, the saturation factors cannot be
calculated for these respective angles.

For this reason, the following solution is proposed: The saturation factors for the
respective angles are interpolated from those of the nearest calculated angles. This means
that the saturation factors of the d-axis in this case are determined from those for 80° and
100°. Likewise, the functions for -10° and 10° are used for the g-axis. Due to the symmetry,
both neighboring functions are the same in each case, which is why the corresponding
values can simply be adopted.

As the flux flows mainly along the other axis at these points, the estimated saturation
factor only has a minor influence on the result. This is to be expected for intermediate
values as well (that is, between 0 and 10° for the g-axis factor or between 80 and 90°l
for the d-axis factor). Although the flux of the orthogonal axis increases here, it is too
small to have a significant influence on the result. Moreover, it is to be expected that the
interpolated value will be close to the real value anyway.
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Figure 4.18: Evaluation of the flux linkage components of d- and g-axis for different
stator current space vectors which are rotated over time. The sample points are marked
with ‘4’ and the function evaluated from their mean values is drawn with a solid line.

Similarly, the saturation factors for a current of 0 A (regardless of the current angle)
are also taken from the smallest calculated current value. The assumption about the
minimum deviation of the real value applies here as well.

A recommendation can also be made about interpolation in the model: Since in the
final system of equations from (4.44) the inverse of the saturation factors are needed,
they can already be used for interpolation. As shown in Figure 4.19, the functions of both

factors
k L d k L
,d = an t, =
st Asat,d e Asat,q
are significantly smoother and can therefore be properly interpolated even with fewer

interpolation points.

Moreover, it is worth mentioning that the magnitude of the current vector can be
converted to an MMF to take different windings into account. This makes it possible
for the design process to adapt the winding without having to recalculate the saturation

reference.
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Figure 4.19: Saturation factor functions kg, q and Kgat  for the d- and g-axis evaluated as
the relation between linear and non-linear current-flux linkage components (corresponding
to Figure 4.12). Note that the y-axes do not have the same scaling.

Turning now to the consideration of iron bridges in the rotor, a further improvement
compared to the existing model can be introduced. As explained in the previous section
on the inductance calculation, the iron bridges should only be opened in the linear ref-
erence. If the non-linear reference is calculated according to the real machine geometry,
the saturation factor compensates for the following two effects: First, the rotor slots due
to open tangential bridges in the linear reference and their effect of increasing the carter
factor. Secondly, the increased magnetizing current, as the iron bridges also have to be
magnetized.

In contrast, the saturation factors cannot influence the harmonic content that is caused
by different saturation states of the iron bridges. This also depends on both the magnitude
and angle of the stator current space vector, as well as on the rotor currents, which creates
leakage flux flowing through the thin iron parts of the g-axis. Because the saturation
factors only manipulate the fundamental of the flux linkage, the reaction of the stator due
to the rotor slots will only be related to the chosen slot width in the linear reference and
the respective leakage flux.

Therefore, a slight error will always remain, which cannot be avoided with this method.
However, it is minimized as much as possible, if the real machine geometry is used as non-
linear reference.

Lastly, it is to mention that the proposed method in [54], [55] is flawed when it comes
to the saturation of leakage inductances. While it is reasonable to exclude the end winding
leakage inductances from the saturation factor adaption, it is not clear why this is applied
for the slot leakage inductances as well. The end winding leakage inductances, on the one
hand, are not included in the 2D FE model and it can be assumed that they do not change
due to saturation because the end windings are mostly surrounded by air (or materials in
which p, &~ 1). The slot leakage inductances, on the other hand, are indeed included in
the 2D reference, which means the result of the non-linear current-flux linkage function
implicitly includes the saturation of leakage paths for no load operation.

As correctly mentioned by Giidelhofer [54], [55], however, this does not apply for
operating points where s > 0. In these cases, the leakage path saturation massively
depends on the damping of the stator magnetic field due to the rotor magnetic field. In
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this model, however, this damping effect and the resulting saturation is approximated
with the method of a virtual stator magnetizing current vector. Hence, it will be worked
out in the validation section, to which extent the model is still valid. In general, it would

be possible to account for these effects with leakage saturation factors as presented in [96],
[97].

4.3 Mechanical machine model

To model the mechanical subsystem, the equation of motion, which is the same as for the
Finite Element model in (3.27) is added to the full system of equations:

dwr o Tel - T’load

= 4.50
dt Jtot (4.50)

Again, the mechanical angular velocity is evaluated from the time-derivative of the rotor
angle 9,:

_do,

W =

However, the calculation of the electromagnetic torque Ty is different from FEM because

the air gap field is unknown.
In this model, the method of virtual work is applied. This approach has been derived
for a numerical parameter model containing currents and flux linkages in [54], [55] based

on [98]: ) )
1 fopdy g di
T = (Z sl dﬁr> . (4.52)

(4.51)
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4.4 Solution

As a final step before validating the model, this section explains the solution procedure
that was used for this thesis to provide a fast and reliable simulation. The model is
implemented in MATLAB®) [99].
At first, the initial conditions at ¢ = 0 need to be defined for every state variable.
These are:
D(O0) =1 =0, and  w,=0, (4.53)

whereas the rotor angle 9,y can be set to a desired value. Moreover, it makes sense to
define the initial values of the saturation factors. As stated above, the values can differ
due to the different magnetic permeability in the reference calculations. Hence, a small
current at an arbitrary current angle can be used to interpolate reasonable initial values.

To solve the initial value problem, MATLABG) offers a wide variety of ODE solvers.
However, in this model the saturation state defined by the non-linear current-flux linkage
function (4.36) needs to be iterated. This is because the saturation factors used in the
equation depend on its results. The fact that the standard solvers do not use values of
previous time steps despite the state variables, makes this iteration process too time-
consuming. To obtain a comprehensive model that uses knowledge of previous time steps
and that fulfills the requirements, it is therefore recommended not to use the standard
solvers.

Instead, the solution can be as simple as presented in the existing model: The
predictor-corrector-method [100] provides a reliable algorithm that is suited to this kind
of model. In this case, the fourth-order Adams-Bashforth method is used for the predic-
tor, and the fifth-order Adams-Moulton method for the corrector. The disadvantage that
the step size is usually fixed is compensated for by the knowledge of values of previous
time steps, which avoids time-consuming iteration steps for the saturation factors. In
addition, if the predict-evaluate-correct-evaluate (PECE) strategy is applied, the model
will be numerically stable. This is explained again in detail below to clarify the function
of the model and the relationships between the individual variables.

Figure 4.20 illustrates the implemented solution procedure. First, the inductance
matrix has to be interpolated from the lookup table for the current rotor angle. This is
then used to iterate the current-flux linkage function (4.42) in a subprocess, which will be
explained below. After finding the appropriate current for the given flux linkage, the full
system of equations (4.44) can be evaluated for the time derivative of the flux linkage.
Since the current vector is already known, Ri can be directly evaluated.

Only after the electromagnetic system of equations has been solved is the torque
evaluated and finally the mechanical system of equations from (4.50) solved. This is a
reasonable simplification because it can be assumed that the electromagnetic time con-
stants are significantly smaller than the mechanical ones. Finally, all the values found can
be saved, and the next time step can be solved.
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interpolate inductance matrix L(¥;)
for the current rotor angle

!

iterate saturation factor
matrix kg (Fig. 4.21)

J

d - =
evaluate azp =u— Rz

|

evaluate torque Ty (4.52)

|

solve equation of motion (4.50)

|

output data

Figure 4.20: Solution process of the proposed model for one evaluation in one time-step.

Moving on now to the iteration process of the current-flux linkage function, which
is illustrated in Figure 4.21. As discussed in Section 4.2.7, the end-winding leakage flux
of stator and rotor are not influenced by saturation. Before the first iteration, the end
winding leakage inductance matrix Lg, therefore must be subtracted from the inductance
matrix L. This leaves only the inductance matrix, which was calculated using FEM:

Lrey = Ls + Los = L — L (4.54)

Then, the loop for iterating the current flux linkage function is entered, where v is the
current iteration step. First, the saturation factor matrix K, is calculated for the current
factors /{:S(Z&d and k:sgt)yq. This means that the dq0-matrix of the stator is transformed
to an abc-matrix according to (4.32) with the current rotor angle ¥J,. Furthermore, the
rotor saturation factor matrix is constructed, whereby each diagonal element is evaluated
according to (4.34).

Then, only the stator matrix kg, ¢ is being used to calculate the virtual stator current
vector I* (4.38).

Next, the vector is transformed to a space vector to obtain its magnitude and angle,
which can be used to interpolate the corresponding saturation factors ke a(LF,7*) and

S

sat.q(IZ,7*). Because they are stored in a 2D lookup table, a simplified 2 x 1D interpo-
lation is recommended: First, the saturation factor is interpolated as a function of the
current for the current angle v*. Second, its value is interpolated for the input current
I¥. For this purpose, as well as for any other interpolation in this model, the Piecewise
Cubic Hermite Interpolating Polynomial (PCHIP) was used [101], [102]. It is monotone
and has no overshoot between the sample points.

In the following, the saturation factors are compared to the ones used in the current
iteration step:

€ > [kaa(I5, 7)) = k&G A > a2 7") — k& (4.55)

ﬂq|‘



108

evaluate inductance matrix
Lrgm = Ls + Lgs = L(9;) — Lge

v=v+1

no

error limit (4.55) reached?

k(”) k(")

sat,d’ "Vsat,q and i

output

Figure 4.21: Subprocess for the iteration of the non-linear current-flux linkage function.

If they exceed the error limit €, the saturation factors are adjusted using the relaxation
method:

ki;/:r;) = ks(:t),d +a (ksat,d(ls*/y*) - ki;/'gd) ; (4.56)

where « is the relaxation factor. Experience has shown that it can be set to 1, which
ensures rapid convergence. However, if convergence problems arise, it should be reduced.
As soon as the new values are found, the iteration counter v is incremented and the
process starts again with the evaluation of kgu.

If the evaluation in (4.55) yields that the error limit is reached, however, the saturation
factors ké:g q and ks(;,?,q are saved. Finally, the new current vector can be calculated from
the current-flux linkage function and all three quantities can be saved. The process then

goes on as illustrated in the previous diagram in Figure 4.20.

Regarding the step-size of the solver, the same recommendations as for the FE model
in Section 3.8 have proven useful. Hence, for an accurate simulation, 500 steps per cycle
are recommended. Yet, 300 steps are also possible, even though the higher harmonics will
not be modelled as accurate.
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4.5 Validation with FEM

The aim of this section is to validate the model that has been introduced in this chapter.
As in Section 3.9 for the FE model, the validation will be carried out step by step. This
means that the goal is to focus initially on selected effects rather than comparing the final
model with the results. This way, it is possible to distinguish between the influence of
each effect on the accuracy of the model.

For this purpose, the Finite Element Method is used as a reference. It allows activating
and deactivating various effects as required. Moreover, it provides a much better insight
into the machine quantities than measurements. As it has already been validated for
the motors to be studied, a reliable validation process without the immediate need for
measurements is guaranteed. Only after the entire model matches sufficiently to FEM, the
results of the model must be compared with measurements to determine the remaining
deviations from reality. Hence, this section starts with the validation of the skin effect,
then moving on to the validation of saturation, and finally both combined.

Numerous validation steps were carried out for this work. In this section, the most
important ones are discussed to clarify the procedure and to examine the accuracy and
validity of the model. Further possibilities that go beyond those presented are mentioned
at the relevant point.

4.5.1 Validation of the skin effect model

To validate the skin effect, it is best to use a linear model, that is, saturation is not
considered. Therefore, the material properties of the Finite Element model are defined
as linear, whereby the permeability is set to g, = 107 as has been done for the parameter
calculation of the model. Again, the bridges in the rotor have to be opened to avoid
magnetic short-circuits. In the model, the saturation factors are set to 1.

To check whether the implementation itself is correct, the validation should be started
with the stator equations only, that is, the rotor cage is inactive. If the model provides
accurate results for different speeds (including n = 0 and n = ny), the rotor equations are
activated. Now the skin effect influences the results.

However, before testing the complete rotor cage model, the end ring elements (re-
sistances and inductances) should be set to zero. Moreover, the FE model should be
implemented so that it models the skin effect correctly in the first step. This way, the
accuracy of the layer method can be tested for the real current density distribution in the
rotor bars. Only if these results are satisfactory, the full cage model should be tested.
This also requires FEM to incorporate the layer method for the accurate modeling of the
end rings.

In addition, the comparison should initially focus on a locked rotor (n = 0), as this
is where the skin effect is most pronounced. As with the locked rotor measurements
in Section 3.9.3, both the FEM and the model are simulated until the transients have
disappeared. The model can be tested with different numbers of rotor cage layers Np. To
evaluate the validity and accuracy of the method, stator currents and rotor cage losses
Page are compared for one electrical period in the steady state. Other quantities, such
as flux linkages, EMFs and rotor currents can be compared as well. As the rotor losses
at standstill are proportional to the torque, it is not compared separately. For a better
illustration, only the current of the first stator phase is compared.
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4.5.1.1 Motor II

The validation starts with Motor II. Even though the comparison for a different number
of layers has already been presented in Chapter 3, the Finite Element Method also offers
the possibility of comparing losses and other variables over time.

Figure 4.22 therefore shows the comparison between FEM and the model for Np=1
and Np=3 layers. As mentioned, the end-ring parameters are set to zero. The results
for 1 rotor cage layer (Figure 4.22a) indicate that the stator current already fits good.
However, the rotor cage losses are underestimated by the model. Furthermore, a phase
shift between FEM and the model is observable, which also comes from the incorrect rotor
resistance due to skin effect.
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Figure 4.22: Stator current and rotor cage losses over time in comparison between FEM
(physical model without layers) and the model with 1 and 3 rotor cage layers for Motor
ITat U =100V, f =50 Hz, and n = 0. Saturation is neglected, end-ring parameters are
set to zero.

If the number of layers is increased to Ny,=3 as shown in Figure 4.22b, the stator
current fits exactly the results of FEM. The rotor cage losses also show a good agreement.
The deviation of the mean value over one electrical period decreased from —25.2% with 1
layer to —1.7% with 3 layers. The phase shift between both results is now minimal. From
this, it can be concluded that 3 layers are sufficient in this case, as a further increasing the
number of layers would only lead to an increase in computing time without significantly
improving accuracy. This also confirms the result of the investigation using time-harmonic
FEM in Figure 4.3.

The same validation can be carried out for different values of the stator frequency
and the conductivity of the rotor bar. As the frequency or conductivity increases, the
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influence of the skin effect increases so that the limitations of the model can be tested.
Similarly, a reduction in both values results in a less pronounced skin effect. However, as
the comparison for 50 Hz meets the expectations for the desired parameters, no further
comparison needs to be shown at this point.

In the next step, the full rotor cage model will be tested, which means that the end-
ring parameters are now set to their values according to the presented ring model. This
also means that the FEM reference is now equally simulated with 3 layers in the rotor
cage. The skin effect in the rotor bars (and the ring) is therefore only with the same layer
method in both cases. The results are shown in Figure 4.23.

6r 3007

FEM =— =— =—model

FEM =— =— =— model
4,

N
o
o

-
o
o

Stator Current in A —
(@]
Rotor Cage Losses in W —

o

0 0.005 0.01 0.015 0.02 0.005 0.01 0.015 0.02
Time ins— Time ins—

(a) FEM: 3 layers, model: 1 layer
3007

o

FEM =— =— = model FEM =— = =—model

N
o
o

-
o
o

Stator Current in A —
o
Rotor Cage Losses in W —

1 1 1 1 O 1 1 1 1
0.005 0.01 0.015 0.02 0 0.005 0.01 0.015 0.02
Time ins— Time ins—

(b) FEM: 3 layers, model: 3 layers

o

Figure 4.23: Stator current and rotor cage losses over time in comparison between FEM
(3 layers) and the model with 1 and 3 rotor cage layers for Motor IT at U = 100V, f = 50Hz,
and n = 0. Saturation is neglected, end-ring parameters are set to their respective values
from the presented end-ring model.

Here, both results show the same overall behavior as in the previous comparison.
However, it is noticeable that the rotor cage losses in the model with 3 layers now fit even
better than in the previous comparison. This is because both rotor cages are modelled in
the same way with the layer method.

As the results for standstill were satisfactory, the model can be tested for a speed
greater than 0 in the next step. In principle, the skin effect is less pronounced with
decreasing slip frequency, until finally the fundamental wave has 0 Hz at synchronous
speed. However, currents of higher frequencies still flow in the rotor cage at this point,
which also produce losses.
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Figure 4.24 shows the comparison of stator current and rotor cage losses, again for
1 and 3 rotor cage layers. What stands about the figures are two things: On the one
hand, the stator current has significantly higher harmonics, as the stator and rotor slots
move relative to each other. This is modelled accurately by the model, as the current fits
exactly the reference. On the other hand, the harmonic rotor cage losses are modelled
more accurate with Ny, =3 layers as well.

4r 4 47
T = FEM model
<
c =37
= 7]
2 3
7]
£ Szt
S )
— 1]
S- 1
© S
5 g
v o
4 . . . . & ! \ ! |
0 0.005 0.01 0.015 0.02 0 0.005 0.01 0.015 0.02
Time ins— Time ins—
(a) FEM: 3 layers, model: 1 layer
4r
+
T z
<
c £3
= 7]
- @
7]
£ 3
S )
S (]
S. O
: 5
v o
-4 1 1 1 i o 0 1 1 1 i
0 0.005 0.01 0.015 0.02 0 0.005 0.01 0.015 0.02
Time ins— Time ins—

(b) FEM: 3 layers, model: 3 layers

Figure 4.24: Stator current and rotor cage losses over time in comparison between FEM
(3 layers) and the model with 1 and 3 rotor cage layers for Motor II at U = 100 V,
f =50Hz, and n = 3000 1/min. Saturation is neglected, end-ring parameters are set to
their respective values from the presented end-ring model.

Looking at the rotor cage losses for 1 layer in Figure 4.24a, it is obvious that the losses
are underestimated when the rotor resistance does not consider for skin effect. This is
because the rotor currents of harmonic frequencies have a much smaller skin depth [85],
which means the effective resistance is higher for harmonic currents. In the model with
3 rotor cage layers, the current that is assumed to be flowing only in the outermost rotor
cage layer already sees this higher resistance, which is why the results fit much better
(Figure 4.24b).

4.5.1.2 Motor III

Moving on now to the validation of Motor III. Figure 4.25 displays the results for the
comparison of the linear calculation with a locked rotor for 3 layers in both models. As
expected, the current and the rotor losses match the FEM reference exactly.

The results are also satisfactory at synchronous speed. The stator current, including
the higher harmonics, is reproduced precisely. The rotor cage losses show only a minimal
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deviation from the high-frequency curve that can be seen in FEM.
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Figure 4.25: Stator current and rotor cage losses over time in comparison between FEM
(3 layers) and the model with 3 rotor cage layers for Motor III at U = 100V, f = 50 Hz,
and n = 0 1/min. Saturation is neglected, end-ring parameters are set to their respective
values from the presented end-ring model.
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Figure 4.26: Stator current and rotor cage losses over time in comparison between FEM
(3 layers) and the model with 3 rotor cage layers for Motor Il at U = 100V, f = 50Hz, and
n = 1500 1/min. Saturation is neglected, end-ring parameters are set to their respective
values from the presented end-ring model.

All results combined, it can be concluded that the layer method is valid and accurate

enough to consider for skin effect in the parameter model. Both motors with non-standard
cage geometries, Motor II and Motor III, were investigated in the linear case to prove that
the skin effect itself can be considered for arbitrary rotor bars. Hence, the validation is
now continued for the method to consider for saturation before combining both methods
and finally comparing the model to measurements.
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4.5.2 Validation of the saturation model

To validate the saturation model, it is best to compare the motor at synchronous op-
eration, as this is where it saturates the most. Furthermore, the simplified case of a
motor without a rotor cage is compared, which offers the advantage that the rotor is
entirely currentless. This means that the validity of the dg-saturation factor method can
be tested first, before the method to account for rotor currents is validated. This again is
an advantage of the Finite Element Method over measurements.

Moreover, the difference between the previously used global saturation factor method
and the new dg-saturation factor method introduced in section 4.2.5 is to be made clear.
To this end, the results for each model are compared to visualize the improvements.

4.5.2.1 Motor 11

Starting with Motor II, three different voltages are compared for two different current
angles each. In the first step, the rotor bridges are open. This means that the inductance
matrix, the saturation factors, and the FE simulation for comparison are all calculated
with the same geometry that has open bridges. This does not reflect reality, but allows an
assessment of the accuracy and limitations of the saturation factor method before further
simplifications are introduced.

Figure 4.27 shows the first comparison for a voltage of 120 V, which results in a
medium saturation. Furthermore, the initial angle of the rotor was set to a value that
results in a small current angle, which is v & 10°l in this case. This means that the flux
will mainly pass through the rotors d-axis. Hence, the highest saturation is expected for
this current angle compared to higher ones (cf. Figure 4.18).

Looking at the stator currents (left figures), it is revealed that the fundamental as
well as the harmonics of the current are modelled accurately in both cases. Hence, the
saturation in this case does not affect the results too much. The fact that the difference
between the existing and the improved model is hardly visible can be explained as follows:
Since the current angle is small and the saturation not too high, the saturation state of
the g-axis does not influence the results as much. In the plots on the right, it is observable
that the saturation factor kg, of the existing model is equal to the factor of the d-axis
ksat.a of the improved model. The g-axis factor in this case is close to 1.



Validation with FEM 115

2 3r
T FEM model T —_— Kk
< 525
- 5]
b= S
(7] ('8
=0 c 2
3 2
b ©
1S
S 515}
© L
= 5]
w w
2 1 1 1 i 1 1 1 1 i
0 0.005 0.01 0.015 0.02 0 0.005 0.01 0.015 0.02
Time ins— Time ins—

(a) existing model with kg,
27 3r
FEM model

sat,d sat,q

N
&

Stator Current in A —
! o

Saturation Factor —
wn N

0 0.005 0.01 0.015 0.02 0 0.005 0.01 0.015 0.02
Time ins— Time ins—

(b) improved model with kga a and keag,q

Figure 4.27: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor II at U = 120 V, f = 50 Hz, and n = 3000 1/min
with a resulting current angle of v ~ 10%l: (a) existing model with one saturation fac-
tor, (b) improved model with dg-saturation factors. The rotor cage is inactive, the rotor
bridges are open.

The difference becomes more obvious once the voltage is increased. This is shown in
Figure 4.28. Now the stator current from the existing model (Figure 4.28a left) has a
slight phase shift and its amplitude is too high. Even though for this saturation state the
improved model shows a slight deviation as well, the current still fits better.

Yet, the fact that the harmonics are overestimated cannot be avoided with this
method. While the FE model can accurately model the local saturation effects that
cause the harmonics to change, the saturation factor can only manipulate the fundamen-
tal of the current. However, the agreement is still satisfactory, given that the saturation
is already high, and the simplified model is still close to FEM.

What also stands out is that the saturation factor now oscillates at a high frequency
and with a significantly higher amplitude than before. This occurs because the harmonics
of the stator current are significantly higher than before. The magnitude of the real stator
current space vector hence varies over a period due to the high-frequency components. As
the saturation factor is always calculated from the instantaneous value of the magnitude
of the virtual stator current space vector, it shows the same oscillation.
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Figure 4.28: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor I at U = 180V, f = 50 Hz, and n = 3000 1/min
with a resulting current angle of v ~ 15%I: (&) existing model with one saturation fac-
tor, (b) improved model with dg-saturation factors. The rotor cage is inactive, the rotor
bridges are open.

In the next step, the initial rotor angle of the simulation is changed, so that the
simulation results in an operating point with a current angle that provides a high torque.
Due to saturation, the current angle for maximum torque is usually between 50°1 and
60°el, as has been shown in the synchronous torque measurement in Section 3.9.1.

Figure 4.29 shows the comparison at a voltage of 120 V and a current angle of 58%l.
The difference between the existing and the improved model is now already visible for
this moderate saturation state. The current is overestimated with the one-factor model.
Because the flux now flows through both the d- and g-axis, the saturation state of the
g-axis is more relevant than before and hence deviates.

In contrast to the existing model, the saturation factors of the improved model (Figure
4.29b right) prove that their saturation states are, in fact, different. The saturation factor
of the g-axis is still close to 1. Therefore, the current at the given input voltage is lower
than in the case of an equally saturated g-axis, as predicted by the existing model.

The fact that the saturation is lower due to the higher current angle also leads to a
better prediction by the improved model. The harmonics now match good, as they are
less influenced by the saturation than in the previous case.
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Figure 4.29: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor II at U = 120 V, f = 50 Hz, and n = 3000 1/min
with a resulting current angle of v ~ 58%l: (a) existing model with one saturation fac-
tor, (b) improved model with dg-saturation factors. The rotor cage is inactive, the rotor

bridges are open.

Finally, the voltage is again increased to 180 V for this case. The plots in Figure 4.30
clearly indicate that the one-factor model loses its validity. The current with the existing
model is too high and shows a phase shift as well. In contrast, the improved model still
matches well with the same unavoidable deviation in current harmonics.

Moreover, the dg-saturation factors of the improved model in Figure 4.30b (right)
show, what already was discussed in Section 4.2.5: For current angles of this magnitude,
the d-axis still saturates significantly. However, the flux in the g-axis only increases with
a much higher current as soon as the flux vector rotates from the saturated d-axis to the
g-axis (cf. Figure 4.7b). Consequently, it saturates much later and the corresponding
saturation factor in this comparison is still significantly smaller. Thus, an overall smaller
current is required for the impressed flux linkage with the given voltage.
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Figure 4.30: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor II at U = 180 V, f = 50 Hz, and n = 3000 1/min
with a resulting current angle of v ~ 50%l: (&) existing model with one saturation fac-
tor, (b) improved model with dg-saturation factors. The rotor cage is inactive, the rotor
bridges are open.

In the next step, the simulation with closed iron bridges in the rotor as in the real
motor is carried out. The model is adapted as follows: In the non-linear 2D FEM reference
for calculating the saturation factors, the bridges are defined as iron. This means that the
permeability is iterated from the stored material curve in several iteration steps. Since the
linear reference must still have open bridges, the saturation factor will change accordingly.
The effects on the results are examined and explained below.

At first, Motor II is compared to FEM for a low voltage and hence low saturation at
a current angle of v &~ 2°l. Figure 4.31 shows the stator current of the first phase and
the corresponding saturation factors for the d- and g-axis.

Two things stand out when looking at the plots: First, the current from FEM is
smooth without visible harmonics. This is because the rotor has a smooth surface that
does not cause slotting effects when the bridges are not saturated, as in this case. As
the linear reference of the model still contains the open bridges, the harmonics are still
visible there. Second, the saturation factor of the g-axis is less than 1. This will now be
explained in more detail.

As already mentioned, the open bridges in the linear reference lie in the flux paths of
the g-axis. This means that a higher current is needed for a predefined g-axis flux than
in the case of closed bridges because the magnetic circuit contains more air. In contrast,
the bridges are closed in the non-linear reference. Especially at low flux, they are still
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Figure 4.31: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor II at U = 60 V, f = 50 Hz, and n = 3000 1/min
with a resulting current angle of v & 2°%I. The rotor cage is inactive, the rotor bridges are
closed.

unsaturated and have a high permeability. The current required for the same predefined
g-axis flux is therefore lower. As the saturation factor represents the ratio between the
current in a non-linear calculation and in a linear calculation, it becomes less than 1 in
this case.

To further illustrate this effect, the saturation factors of the d- and g-axis for open
bridges are shown in Figure 4.32 for different current angles. While the d-axis factor
shows the usual behavior, it is clear to see that the g-axis factor always starts with values
less than 1, regardless of the current angle.

157 0 2r
T 30 T
T 45 g
«2 «81.5>
~ 10 60 -
o (=]
dd D
(8] ()
$ 7508
6 90 5
S Of S
o S 05
> =
L ~in el ©
7] y | a

)

2 4 6 8 10 12 14 16 18 20 0 2 4 6 8 10 12 14 16 18 20

0
Current Amplitude — Current Amplitude —
(a) d-axis saturation factor (b) g-axis saturation factor

Figure 4.32: Saturation factor functions kg q and kgat,q for the d- and g-axis evaluated
as the relation between linear and non-linear current-flux linkage components. The rotor
bridges are closed in the non-linear reference. Note that the y-axes do not have the same
scaling.

As the current increases, the saturation factor also increases and, depending on the
current angle, is only equal to 1 from a value of approximately 6 to 10 A. This means
that for these values, the input current for a given flux linkage of the g-axis corresponds
to the linear calculation with open and non-linear calculation with closed bridges. In the
latter case, the corresponding domains are saturated so that the magnetic circuit of the
g-axis corresponds to the linear case. If the current is increased further, the saturation
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factor eventually becomes greater than 1, as the outer bridges are more "open" than in
the linear reference due to the increased saturation.

Another striking observation is that the saturation factor of the g-axis increases more
quickly for higher current angles (lighter blue tones) than for smaller current angles (darker
blue tones). As larger portions of the magnetic flux flow over the g-axis, the saturation
and the above described effect occur much sooner. Nevertheless, at currents between 4
and 8 A the plot order reverses: For higher current angles the slope gets much smaller,
whereas it hardly changes for current angles < 45°i. This is again due to the different
magnetic circuits of d- and g-axis. The flux paths (including the bridges) saturate faster
with a flux vector that is oriented more closely to the d-axis. The g-axis does not allow
as much flux at the same current, which is why it saturates more slowly.

If the voltage is increased for the same simulation as in the previous figure, all of the
above described effects are amplified. Figure 4.33 provides a comparison of the stator
current with FEM and the corresponding saturation factors for 120 V and a resulting
current angle of v ~ 2%l.
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Figure 4.33: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor II at U = 120V, f = 50 Hz, and n = 3000 1/min
with a resulting current angle of v ~ 2°l. The rotor cage is inactive, the rotor bridges are
closed.

The agreement is also satisfactory in this case, as the visible difference is mainly due
to the higher harmonics in the model. These are also responsible for the variation of the
saturation factors over time. Apart from a slight difference in the fundamental, this is
also true for the comparison at 180 V shown in Figure 4.34.
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Figure 4.35: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor II at U = 120V, f = 50 Hz, and n = 3000 1/min
with a resulting current angle of v &~ 55°I. The rotor cage is inactive, the rotor bridges

are closed.

Finally, if the results are compared for an increased voltage of 180V, which leads to a

high saturation, the model still shows a satisfact

ory agreement (Figure 4.36). This means

that the saturation factor method is also suitable for modern Line-Start Synchronous
Machines with rotor iron bridges. The only limitation seems to be that the harmonics
are overestimated due to the open bridges in the linear reference. This will be further

analyzed with Motor III.
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Figure 4.36: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor II at U = 180 V, f = 50 Hz, and n = 3000 1/min
with a resulting current angle of v &~ 53°Il. The rotor cage is inactive, the rotor bridges
are closed.

4.5.2.2 Motor III

Following the extensive validation using Motor II, the next step is to validate Motor III.
In this case, this starts with comparing the simulation with closed bridges, that is, the
real geometry. Figure 4.37 displays the comparison of the stator currents with FEM as
well as the saturation factors for 120 V (top) and 160 V (bottom) and a current angle of
approximately 1°l.

The comparisons reveal that the behavior of this motor is slightly different compared
to the previous one. On the one hand, the harmonics predicted by the model are no longer
overestimated as much as before. This means that the chosen slot width for opening the
outer bridges in the rotor is closer to what can be expected in reality. However, since the
model must always open the bridges to a certain degree, the case of unsaturated, closed
bridges can never be modeled with 100% accuracy.

On the other hand, it stands out that in contrast to the lower voltage (Figure 4.37a),
the current for higher voltage (Figure 4.37b), is overestimated. This result can be ex-
plained by the fact that the saturation factor in the model is always interpolated according
to the magnitude of the instantaneous (virtual) stator current space vector. This vector
is the result of the fundamental and all harmonics. In contrast, the FEM reference used
to calculate the saturation factors only contains the fundamental current. The problem
is that if the magnitude of the vector in the model is increased or decreased by harmonics
(depending on time), the adjustment of the saturation factor assumes a higher or lower
fundamental current. As the harmonic currents do not have the same influence on the
fundamental saturation, this leads to slightly different results.
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Figure 4.37: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor III at two different voltages, f = 50 Hz, and
n = 1500 1/min with a resulting current angle of v &~ 1°I1. The rotor cage is inactive, the
rotor bridges are closed.

The next comparison is for a resulting current angle of approximately 49°.

The

results for the same voltages are displayed in Figure 4.38. Overall, the behavior is similar
to the previous comparison. The model currents are slightly higher than in the FEM, as
they contain more harmonics. Despite the slight deviation, the results are still satisfactory
and do not reveal any limitations other than those already explained.
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Figure 4.38: Comparison of stator currents versus time with FEM (left) and correspond-
ing saturation factors (right) for Motor III at two different voltages, f = 50 Hz, and
n = 1500 1/min with a resulting current angle of v & 49°l. The rotor cage is inactive, the
rotor bridges are closed.

In summary, it has been shown from this part of the validation that the saturation
factor model was improved compared to the previous work of Giidelhofer [54], [55]. The
dg-saturation factor approach both improves the accuracy of the results and the com-
prehension of the saturation phenomena in Line-Start Synchronous Reluctance Machines.
Since the validation at no load conditions without rotor cage has shown good results, the
rotor cage could be activated and the results could be compared for synchronous speed
as well.

As this would only lead to slight changes in the results, however, this step is skipped.
Hence, it makes more sense to move on to a validation of the saturation and the skin effect
combined. This is done by evaluating the steady-state torque versus speed curve of the
motors. Starting at a speed close to the synchronous speed and gradually reducing it, the
influence of the skin effect increases while the saturation decreases. This allows a joint
investigation of both effects. In addition, the aim of this work is to simulate the start-up
behavior. The steady-state torque versus speed simulation is therefore particularly useful
as an intermediate step towards the dynamic start-up calculation. It will be covered in
the next section.
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4.5.3 Steady-state torque versus speed simulation

The following part of the validation procedure moves on to investigate the steady-state
torque versus speed behavior of the machine. To this end, both models are set up as
follows: The stator circuit as well as the rotor circuits for Ny=3 layers are activated.
The voltage and the rotor speed are set to the desired value. The voltage is switched on
and the simulation is carried out at constant speed until all transients have disappeared.
The torque and current (and other quantities as required) can then be evaluated for the

duration of a slip period
1

A
This procedure can be repeated for different speeds so that the steady-state torque-speed
characteristic can be approximated.

ts

4.5.3.1 Motor II

Starting with Motor II, the case of linear materials is compared first. In this way, the
influence of iron saturation on the accuracy of the results can be eliminated before testing
the skin effect and saturation together. Figure 4.39 shows the torque versus speed curve
as well as the corresponding stator currents for U = 100 V. For both quantities, there is
no visible difference between FEM and the model.

What is striking in this figure, however, is that the torque is negative for n = 2900min.
This is because the rotor’s anisotropy also produces an asynchronous torque [33]-[35] as
explained in Chapter 2. Since this torque is negative for s < 0.5, it reduces the steady-
state torque provided by the cage even to a negative value.
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Figure 4.39: Comparison of the steady-state torque (top) and current (bottom) versus
speed with FEM for Motor II at U = 100 V and f = 50 Hz. Saturation is neglected, the
end-ring parameters are set to their respective values from the presented end-ring model.
Both the model and FEM were calculated with 3 rotor cage layers. The iron bridges in
the rotor are open.

As an intermediate step to investigate the influence on the results as well as on the
torque versus speed behavior, the non-linear simulation with open rotor iron bridges at
100V is compared (Figure 4.40). In this case, a deviation of the torque and the current
can be observed, both of which are higher in FEM than in the model. Yet, this was
expected, as the existing model already exhibited the same phenomenon.

As already mentioned in section 4.2.5, this is due to the saturation of the leakage
paths, which is not considered in the model. While the results fit good for the highest
speed values, the deviation begins where n < 2500 min. Because the tooth tips of the
stator and rotor parts near the air gap saturate, the current and the torque are higher.
Since the chosen voltage of 100 V only causes a low saturation of the fundamental wave,
neglecting leakage path saturation is probably the main cause for the deviation.
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Figure 4.40: Comparison of the steady-state torque (top) and current (bottom) versus
speed with non-linear FEM for Motor Il at U = 100V, f = 50Hz. The end-ring parameters
are set to their respective values from the presented end-ring model. Both the model and
FEM were calculated with 3 rotor cage layers. The iron bridges in the rotor are open.

If the comparison is made for the real motor, in which all rotor iron bridges are closed,
the relative deviation overall looks the same (Figure 4.41). Thus, it can be concluded that
the main saturation is modelled quite good, but in both cases (100 V and 140 V) there is
a higher torque in the low speed area due to the phenomenon of leakage path saturation.
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Figure 4.41: Comparison of the steady-state torque (top) and current (bottom) versus
speed with non-linear FEM for Motor IT at U = 100V, f = 50Hz. The end-ring parameters
are set to their respective values from the presented end-ring model. Both the model and
FEM were calculated with 3 rotor cage layers. The iron bridges in the rotor are closed.
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4.5.3.2 Motor II1

If the linear simulation is compared to FEM for Motor III, the agreement is good as well
(Figure 4.42). However, the shape of the curve itself is significantly more deformed than
for Motor II. The torque is negative for n ~ 900 1/min, whereby the cause is the same
as before. In this particular case, there is the additional factor that the anisotropy of the
rotor is very high. On top of this, the cage housed in the flux barriers is asymmetrical.
Both facts generate air gap harmonics, which reduce the torque accordingly. Since the
cage in this design is poor, it cannot filter out these harmonics. Instead, they are fully
effective.
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Figure 4.42: Comparison of the steady-state torque (top) and current (bottom) versus
speed with FEM for Motor IIT at U = 100 V and f = 50 Hz. Saturation is neglected, the
end-ring parameters are set to their respective values from the presented end-ring model.
Both the model and FEM were calculated with 3 rotor cage layers. The iron bridges in
the rotor are open.

However, since the model is able to reproduce this effect in the same way as FEM, the
result is good in terms of the aim of the work. The fact that the selected motor designs
are deliberately not optimized in order to show such effects must be mentioned again at
this point.
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If the voltage is now kept constant, but the iron saturation is considered in both
models, the effect still occurs, as Figure 4.43 proves. The rotor iron bridges are still
open in this case. Due to the saturation, however, the point, where the torque becomes
negative, slightly shifted to the right. The shape itself also changed a bit. Yet, apart
from the known weakness of not including the saturation of leakage paths, both torque

and current fit good with FEM.
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Figure 4.43: Comparison of the steady-state torque (top) and current (bottom) versus
speed with non-linear FEM for Motor IIl at U = 100V, f = 50Hz. The end-ring parameters
are set to their respective values from the presented end-ring model. Both the model and
FEM were calculated with 3 rotor cage layers. The iron bridges in the rotor are open.
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Figure 4.44 shows the comparison for closed iron bridges in the rotor and the same
voltage of 100 V. This means that the model now has to account for the iron bridges by
adapting the saturation factors accordingly.

3k
x x X x X FEM
5k x X x O  model
O O x
g ° 0
> 1 o (@)
(o) X
£ (o] o
(]
= I SRR R REEr 6@ ..................
g o)
o
[
_’|»
o}
2 1 1 1 1 1 |
0 250 500 750 1000 1250 1500
Speed in 1/min—
12r
X FEM
10 x O  model
(o]
T sl N X X x "
< (@) ®) (o) x
E ol o (@) o) 6 & ® ® ® Q
c
(]
S
5 4L
S 4
2k
O 1 1 1 1 1 1
0 250 500 750 1000 1250 1500

Speed in 1/min—

Figure 4.44: Comparison of the steady-state torque (top) and stator current (bottom)
versus speed with non-linear FEM for Motor III at U = 100 V, f = 50 Hz. The end-ring
parameters are set to their respective values from the presented end-ring model. Both the
model and FEM were calculated with 3 rotor cage layers. The iron bridges in the rotor
are closed.

As before, the accuracy for n > 10001 /min is satisfactory. At lower speeds, the model
still underestimates the current and the torque. As now the rotor bridges are closed, the
leakage path saturation differs even more from the saturation state in the model, which
means that the difference between the asynchronous torque is even higher.
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If the voltage is increased to 140V, the saturation increases and the difference becomes
apparent again. In Figure 4.45, it is obvious that the torque from FEM is more than twice
as high as before, whereas the torque from the model increased only by about 60%. The
fact that the current fits well means that the influence of saturation on the mean current
is modeled properly, but not the effects on the behavior of the machine.
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Figure 4.45: Comparison of the steady-state torque (top) and stator current (bottom)
versus speed with non-linear FEM for Motor IIT at U = 140 V, f = 50 Hz. The end-ring
parameters are set to their respective values from the presented end-ring model. Both the
model and FEM were calculated with 3 rotor cage layers. The iron bridges in the rotor
are closed.
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The assertion that this is only due to the saturation of the leakage paths can be proven
using a magnetic field plot that can be generated from the FEM simulation. Figure 4.46
shows the norm of the magnetic flux density in each element, as well as selected magnetic
field lines from the simulation with n = 600 1/min at the last time step.

Figure 4.46: Norm of the magnetic field density and magnetic field lines for ¢ = 1 s at
n = 600 1/min corresponding to Figure 4.45.

In this time step, the current angle of the stator current space vector is 164°1, which
is close to the d-axis. As explained in section 4.2.5, the flux linkage in this case would
flow mainly through the d-axis if the no-load case was considered (see Figure 4.7b).

However, it is obvious from the field lines, that the field does not penetrate the whole
rotor core and the paths between the flux barriers. Instead, the stator magnetic field is
shielded by the rotor cage and its counter-acting field. Consequently, the flux can only
flow through the iron bridges and near the rotor surface. As can be clearly seen when
looking at the flux density, these bridges are highly saturated as a result.

Thus, in this extreme case, the saturation reference differs strongly from the actual
saturation state, which explains the high deviations. However, from all comparisons, the
following conclusion can be drawn: The agreement for speeds near synchronous speed is
good. Since this is the most important area when it comes to synchronization behavior,
the results in this aspect are expected to be accurate enough.

Considering the leakage path saturation, on the other hand, is a topic that has not
been treated for any parameter model suited for Line-Start Synchronous Machines. As
proven in [96], [97] for Induction Machines, it would be possible to consider for this
effect by additional leakage saturation factors. As this is beyond the scope of this work,
however, the validation will continue as before and the differences due to this effect will
be discussed.
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4.5.4 Start-up simulation

The final step for the validation of the model with FEM is the most important: This
section compares the model-predicted dynamic start-up behavior. In this case, the start-
up in uncoupled no-load operation is compared. This means that the load torque Tjyaq is
the friction torque Tf;. determined in the measurement. The total inertia of the rotating
shaft Jio is equal to the motor inertia Jyr.

For the simulation, the rotor cage is still divided in Ny=3 layers. The only change to
the previous validation step is that the speed is no longer fixed. Instead, it is determined
using the equation of motion, whereby the voltage is switched on at standstill.

4.5.4.1 Motor II

Starting with the comparison of the linear case for Motor II, Figure 4.47 shows a good
agreement between the model and FEM. The speed versus time curve (top figure) proves
that the slope in the beginning is modelled well. This also includes slight oscillations of
the speed, which can be modelled because the torque harmonics are accurately modelled
in the linear case.
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Figure 4.47: Comparison of the speed (top) and stator current (bottom) versus time
with FEM for Motor Il at U = 140V, f = 50Hz, Tigad = Thic and Jiot = Jmot. Saturation
is neglected, the end-ring parameters are set to their respective values from the presented
end-ring model. Both the model and FEM were calculated with 3 rotor cage layers. The
iron bridges in the rotor are open.



Validation with FEM 135

The motor does not reach synchronous speed in this case. It remains at a typical quasi-
stationary state where it oscillates around a mean speed lower than the synchronous speed
of ng = 3000 1/min. Here, the model can accurately predict the resulting mean speed,
and the oscillation is the same as in FEM concerning amplitude and frequency.

The only slight difference between the model and FEM is that the oscillations are
slightly shifted against each other in time. On closer inspection, the first difference be-
tween both models occurs at around 0.1 s. As the speed is an integral variable in this
calculation, the difference persists over the entire simulation time. However, this is not a
disadvantage in terms of the accuracy of the model. It is clear to see that the behavior
in the entire speed range corresponds exactly to the FEM, and the method is therefore
valid.

The same conclusion can also be drawn for the current, which is shown in the bottom
plot in Figure 4.47. Here, the curve starts exactly as in the FEM, but the curves are
offset from the same point. However, it can also be seen here that the amplitude always
matches the FEM curve.

The next comparison is carried out for the same voltage, but considering the saturation
of the iron. The rotor bridges are still open (Figure 4.48). Here, two things are striking
when looking at the speed versus time curve. On the one hand, the model ends in the
same state as the FEM, where the amplitude and frequency of the oscillation are again
the same. This is a good result concerning the prediction of the synchronization behavior.

On the other hand, it is obvious that the acceleration in the starting phase is smaller in
the model than in FEM. This was expected because, as explained in the previous section,
the leakage path saturation increases the torque at low speeds in FEM. Since the model
ends in the same state, however, this has no major influence on the result concerning the
failed synchronization. Regarding the current, a good match can also be seen (apart from
the phase shift).
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Figure 4.48: Comparison of the speed (top) and stator current (bottom) versus time with
non-linear FEM for Motor II at U = 140V, f = 50 Hz, Tigaq = Thic and Jiot = Jmot- The
end-ring parameters are set to their respective values from the presented end-ring model.
Both the model and FEM were calculated with 3 rotor cage layers. The iron bridges in
the rotor are open.

Next, the start-up for the real geometry is compared, which means the bridges are set
to iron. As Figure 4.49 proves, the model is still valid for this case. Both simulations show
that the motor would reach synchronous speed in this case. Apart from the difference in
slope, both curves look almost the same.

The fact that the motor with closed bridges starts up successfully can be explained
by the lower Carter factor. Because the motor with closed bridges has a smaller effective
air gap than the motor with open bridges, a higher torque can be produced at the same
voltage.

Yet, what has to be noted is that the damping behavior slightly differs for the model.
While FEM is almost at constant speed after 1s, the speed in the model still oscillates.
Consequently, the current is also still higher because the motor did not reach steady state.
However, as the result concerning the synchronization is the same and the shape of the
curve in wide areas is modelled accurately, the model still fulfills the requirements.
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Figure 4.49: Comparison of the speed (top) and stator current (bottom) versus time with
non-linear FEM for Motor II at U = 140V, f = 50 Hz, Tigaq = Tic and Jiot = Jmot- The
end-ring parameters are set to their respective values from the presented end-ring model.
Both the model and FEM were calculated with 3 rotor cage layers. The iron bridges in

the rotor are closed.
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In the last step, the voltage is now increased to 180 V, which results in a highly
saturated state. Figure 4.50 shows the torque and speed versus time curves for this case.

3500

O 1 1 1 1 1 1 1 1 1 1

0 0.1 0.2 0.3 0.4 0.5 0.6 0.7 0.8 0.9 1
Timeins—

151

FEM =— =— =— model
10F |

Stator Current in A —

L LALLE

_'I 5 1 1 1 1 1 1 1
0 0.1 0.2 0.3 0.4 0.5 0.6 0.7 0.8 0.9 1

Time ins—

Figure 4.50: Comparison of the speed (top) and stator current (bottom) versus time with
non-linear FEM for Motor Il at U = 180V, f = 50 Hz, Tipaq = Thic and Jiot = Jmot- The
end-ring parameters are set to their respective values from the presented end-ring model.
Both the model and FEM were calculated with 3 rotor cage layers. The iron bridges in
the rotor are closed.

In general, the same conclusion can be drawn here as in the previous calculation: the
overall match is good. The slope of the speed curve is now significantly steeper, and the
model shows a small difference. However, the general course is again well-matched, and
the synchronization behavior is also very similar. As far as the current is concerned, there
is again a good match except for the difference in damping.
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4.5.4.2 Motor II1

Hence, the next step is the validation of Motor III. At first, the test is again carried out
for the linear case (Figure 4.51). Here, the matching between the model and FEM is
excellent because both torque and curve are the same without any visible difference.
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Figure 4.51: Comparison of the speed (top) and stator current (bottom) versus time with
FEM for Motor IIT at U = 100V, f = 50 Hz, Tioad = Twic and Jiot = Jmot. Saturation
is neglected, the end-ring parameters are set to their respective values from the presented
end-ring model. Both the model and FEM were calculated with 3 rotor cage layers. The
iron bridges in the rotor are open.

The speed versus time plot also shows, what was expected from the torque versus
speed evaluation in Figure 4.42. As the asynchronous torque becomes negative near
n = 1000 1/min, the resulting speed in the dynamic start-up is also below this value.
Consequently, the current oscillates as well.
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The intermediate step, in which the motor is compared taking saturation and open
bridges into account, is skipped in this case. Therefore, the simulation of the real motor
(saturation taken into account, bridges in the rotor set to iron) is shown directly in Figure
4.52 for a voltage of 100 V.
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Figure 4.52: Comparison of the speed (top) and stator current (bottom) versus time with
non-linear FEM for Motor III at U = 100V, f = 50 Hz, Tipaq = Tric and Jiot = Jmot. The
end-ring parameters are set to their respective values from the presented end-ring model.
Both the model and FEM were calculated with 3 rotor cage layers. The iron bridges in
the rotor are closed.

Here, the overall behavior is still good. The slope of the speed curve during the
starting period is good. However, the resulting speed and hence the oscillation amplitude
and frequency slightly differ. As the difference is not too great and the speed of the model
is only slightly lower, this result is still satisfactory.
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Moving on now to the last comparison, which is for the real motor at 140 V, as
shown in Figure 4.53. Since both models now predict successful synchronization, the
result can generally be described as good. However, there are again differences in the
damping, which is underestimated by the model. Apart from this, there is good agreement,
particularly regarding the simplified consideration of important effects such as saturation
and skin effect. This indicates that the large differences that were previously found in the
corresponding torque-speed curve (Figure 4.45) generally do not affect the result in the
dynamic start-up as much as expected.

2500
2000
+
£
£ 1500
~
£
B 1000
b}
o
w
500 FEM
model
O 1 1 1 1 1 1 1 1 1 1
0 0.05 0.1 0.15 0.2 0.25 0.3 0.35 0.4 0.45 0.5
Time ins—
201
i FEM =— =— = model
T oyl
10 |
<é l h ;.‘ A iy 1 ohr Ve g}
= |||,'|M, S
S I ) |l|1| NANNAAANANANAAN
2 o YRR TR AR AR UATAYAYAVAYAY AT i
Y V'R AR | Vi ! v e e Y
£ & | v { 3
8101 s ) ¥ [ | I '
w
)
_20 1 1 1 1 1 1 1 1 1 1
0 0.05 0.1 0.15 0.2 0.25 0.3 0.35 0.4 0.45 0.5
Time ins—

Figure 4.53: Comparison of the speed (top) and stator current (bottom) versus time with
non-linear FEM for Motor III at U = 140V, f = 50 Hz, Tipaq = Tric and Jiot = Jmot. The
end-ring parameters are set to their respective values from the presented end-ring model.
Both the model and FEM were calculated with 3 rotor cage layers. The iron bridges in
the rotor are closed.



142

4.6 Validation with measurements

Since the comparisons with FEM in different operating modes have shown good results,
the model is finally compared with measurements. In this case, the start-up measurements
of Motor II and Motor III from Section 3.9.4 are compared. As the aim of the model is
to provide a faster alternative to the FEM, the results of the FEM are also shown.

4.6.0.1 Motor II

The first comparison is for Motor II in the no-load start-up without external moment of
inertia at a voltage of 180 V. The speed versus time plot for the measurement, the FEM,
and the model is shown in Figure 4.54.
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Figure 4.54: Comparison of the speed during dynamic start-up of Motor Il at U = 180V,
f = 50 Hz, and Tigaq = Thic between model, FEM and measurement. The additional
moment of inertia is J,qq = 0, so that Jiot = Jmot-

Comparing the two results, it can be seen that the model predicts an unsuccessful
synchronization, whereas both measurement and FEM show a successful synchronization
for this case. However, it can also be seen that the resulting speed in the model is only
slightly lower than the synchronous speed. It can therefore be assumed that a critical case
can be observed here, in which a small change in voltage can already result in a successful
start-up.

Further analysis in fact indicates that the motor can synchronize if the voltage is
increased by only 1.7%. The result for this case is given in Figure 4.55. Both the FEM
and the measurement have remained unchanged.

Therefore, the model is only slightly off the FEM prediction. As the model is more
pessimistic than the FEM and the measurement in this case, the result does not pose a
problem for practical application and the validity of the model. If the critical load torque
versus inertia characteristic curve (cf. Figure 2.5) is calculated for optimized motors, the
characteristic curve of the model in this case would be slightly below the characteristic
curve predicted by the FEM. In practice, only inertia-torque combinations that have a
certain tolerance in relation to the limit curve are suitable for the application anyway.
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Figure 4.55: Comparison of the speed during dynamic start-up of Motor II at U = 180V,
f = 50 Hz, and Tjoaq = Thic between model, FEM and measurement. The additional
moment of inertia is Jyqq = 0, so that Jiot = Jmot. The voltage was increased by 1.7% in
the model (corresponds to Figure 4.54).

Next, the moment of inertia is increased to the maximum value from the measurement.
The comparison of speed and current versus time with FEM and the measurement are
shown in Figure 4.56 and Figure 4.57, respectively.
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Figure 4.56: Comparison of the speed during dynamic start-up of Motor II at U = 180V,
f = 50 Hz, and Tigaq = Thic between model, FEM and measurement. The additional
moment of inertia is Juqq = 24.2-107% kg-m?, so that Jiot = 3.3 Jmot.

Several findings can be derived from the speed comparison: Firstly, the lower accel-
eration due to the underestimated torque during acceleration can also be identified here.
Secondly, the quasi-steady state predicted by the model agrees well with the FEM and
the measurement. As in the previous comparison, it can also be seen that the final speed
of the model is slightly lower than both others, and therefore the model makes the most

pessimistic prediction.
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When comparing the current (Figure 4.57), which is shown for approximately one slip
period, the slight differences in slip can also be seen. The basic shapes resulting from
the speed oscillations are very similar, but the model (highest slip) also shows the highest
current. In contrast, the measurement (lowest slip) shows the smallest current. The phase
shift between all three curves is only due to the unavoidable phase shift of the speed.
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Figure 4.57: Comparison of the stator current during dynamic start-up of Motor Il at U =
180V, f = 50 Hz, and Tipaq = Thic between model, FEM and measurement (corresponds
to Figure 4.56). The additional moment of inertia is Joqq = 24.2-10~* kg-m?, so that

Jtot = 3-3‘Jmot-

The last comparison for Motor II is shown in Figures 4.58 and 4.59. Here, the moment
of inertia has been reduced to 1.98 times the motor’s moment of inertia.
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Figure 4.58: Comparison of the speed during dynamic start-up of Motor Il at U = 180V,

f = 50 Hz, and Tipaq = Thic between model, FEM and measurement.
moment of inertia is Jygq = 9.1-10~% kg-m?, so that Jio; = 2.0-Jiot-

The additional

The final speed has increased compared to the previous case, but is still below syn-
chronous speed. The resulting speed oscillations predicted by the model in this case are
in good agreement with FEM and the measurement. Again, the model shows the highest

slip.
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Regarding the current (Figure 4.59), the agreement in shape and amplitude is good
as well. Only the phase shift due to the different phase angle of the speed oscillations is

apparent.
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Figure 4.59: Comparison of the stator current during dynamic start-up of Motor Il at U =
180V, f = 50 Hz, and Tipaq = Thic between model, FEM and measurement (corresponds
to Figure 4.58). The additional moment of inertia is Jyqq = 9.1-10* kg-m?, so that
Jtot = 2.0-Jmot-

4.6.0.2 Motor II1

In the last step, the results for the start-up of Motor III are compared. Figure 4.60 shows
the case of a start-up without additional moment of inertia at no-load. As in the FEM,
the model correctly predicts the synchronization, whereas in this case, the damping is
even worse.
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Figure 4.60: Comparison of the speed during dynamic start-up of Motor IIl at U = 140V,
f = 50 Hz, and Tipaq = Thic between model, FEM and measurement. The additional

moment of inertia is Jyqq = 0, so that Jiot = Jmot-

However, since both calculation models show deviations from the measurement in this
aspect, it can be said that the error must be sought between measurement and simulation
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in general and not between the model and the FEM. This is therefore not a limitation
regarding the validation of the model.

If the total moment of inertia is increased to twice the motor’s inertia, the motor
cannot synchronize anymore. Figure 4.61 proves that the model is almost as accurate
as FEM. Both simulations show a slight deviation of the final speed in the quasi-steady
state, but the agreement is satisfactory. The model in this case overestimates the torque

during start-up.
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Figure 4.61: Comparison of the speed during dynamic start-up of Motor IIT at U = 140V,

f = 50 Hz, and Tipaq = Thic between model, FEM and measurement.

The additional

moment of inertia is Jyqq = 9.1-107% kg-m?, so that Jio; = 2.0-Jiot.

Finally, the comparison with the highest moment of inertia, which equals 3.32 times
the motor’s inertia, is shown in Figure 4.62. Here, the oscillations of the speed are lower
in both the measurement and the simulations. The model is again in close agreement

with FEM.
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Figure 4.62: Comparison of the speed during dynamic start-up of Motor IIl at U = 140V,

f = 50 Hz, and Tipaq = Thic between model, FEM and measurement.

The additional

moment of inertia is Jygq = 24.2-10~% kg'mQ, so that Jiot = 3.3 Jmot-

Regarding the comparison of both motors with measurement results, it can be con-
cluded that the model has satisfactory accuracy. The deviations compared to the Finite
Element Method are small enough to enable a reliable prediction to be made about the
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synchronization behavior of both motors using the model. As these are not optimized
and, as discussed throughout the thesis, exhibit many parasitic effects, the validation is
all the more important as the model was able to reproduce each of these effects well. It
can be assumed that motors that are optimized in their start-up and operating behavior
and exhibit fewer parasitic effects can therefore also be simulated reliably. In order to
clearly highlight the greatest advantage of the model, the following section compares the
computing times of both methods.

4.7 Comparison of the computing time

Now that the accuracy of the model has been verified using FEM and measurements, the
computing times of both simulation models are to be compared. The following Table 4.1
compares the computing times for Motor II with the model and the FEM for the three
start-up simulations shown in the previous section!. The first column lists the additional
moment of inertia J,4q in each case, and the second column the simulation time tg,,. For
the model, both the computing time needed for the preliminary parameter calculations
(inductances, resistances, saturation factors) and the computing time for the start-up
simulation are given. To highlight the influence of the multi-layer method in the FE
model, the times are shown for both 3 layers and 1 layer.

Jadd Model Model FEM FEM
in kg-cm? fsim (prelim.) (3 layers) (3 layers) (1 layer)
0 1.0s 2:06 h ols 8:59 h 3:55 h
9.1 15s - 81l s 13:20 h 5:56 h
24.2 1.5s - 79 s 13:17 h 5:44 h
total 2:06 h 211 s 35:36 h 15:35 h

Table 4.1: Comparison of computing times for Motor II for the simulations with the
model and FEM from Section 4.6. The preliminary calculations for the model are required
only once. The computing times for the FE model with 1 layer is given as a reference

It can be seen from the data that the model is considerably faster than the FEM.
Even though the parameter calculation takes about 2 hours, the model is tremendously
fast after that process. As each simulation with varying moment of inertia can be carried
out with the same parameters, the preliminary calculations only have to be done once.
Thereafter, each individual simulation of a dynamic start only takes around 1 to 1.5
minutes (depending on the simulation time). Even if the voltage (as shown in Figure
4.55), the load torque, the parameters of the stator and rotor windings and many other
parameters are changed, no new parameter calculation is necessary.

In contrast, the Finite Element model has to be solved for each single set of param-
eters. Hence, the time for all three start-ups sums to 35.5 hours, whereby one single
simulation can last more than 13 hours as shown in the last two of the three cases. The
need to divide the rotor cage into multiple layers in the FE model leads to a more than
doubling of the computing time compared to the standard model with one layer.

L All simulations were carried out on the same system equipped with an Intel® Core™ i9-10900K and
64 GB RAM.
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The comparison of the results for Motor III in Table 4.2 also shows clear differences
between the two models. The parameter calculation takes less than 2 hours and the
solution of the model for each start-up less than one and a half minutes for 1 s of simulation
time. In contrast, FEM takes more than 27 hours in total.

iﬁ‘dd . Model Model FEM FEM
kg cm? s (prelim.) (3 layers) (3 layers) (1 layer)
0 1.0s 1:55 h 82's 9:02 h 2:40 h
9.1 1.0s |- 78 s 9:12 h 2:35 h
24.2 1.0s |- 77s 8:59 h 2:35h
total 1:55 h 237 s 27:12 h 7:50 h

Table 4.2: Comparison of computing times for Motor III for the simulations with the
model and FEM from Section 4.6. The preliminary calculations for the model are required
only once. The computing times for the FE model with 1 layer is given as a reference

Both comparisons show the clear strength of the model: Even if the parameter cal-
culation is included, the model is already many times faster than a single solution of the
FE model. The longer the simulation time and the greater the number of start-ups to be
calculated, the greater the advantage in terms of computing time. For the application of
the model in practice, this means that the determination of the load torque for which the
motor synchronizes at a given moment of inertia (which requires multiple simulations)
can be completed with the model in a shorter time than the FEM requires for a single
simulation.

4.8 Conclusion

This chapter presented a fast numerical parameter model that can accurately predict the
dynamic start-up behavior of Line-Start Synchronous Reluctance Machines with rotor
designs that include non-standard rotor cages in the flux barriers. Based on the model
introduced by Giidelhofer in [54], [55], alternative and improved methods for considering
the skin effect and saturation as the most important effects were used to improve the
accuracy of the model.

The skin effect can no longer be considered for non-standard cages by simple fac-
tors that manipulate the resistance and inductance according to the rotor fundamental
frequency. The previous method was hence replaced by the multi-layer method, which
divides the rotor cage into multiple cages. This showed good agreement with the FEM
for three layers already. Both the fundamental frequency and the harmonics matched well
over the entire speed range.

The approach of considering saturation with a global saturation factor was retained.
However, it was extended to a dg-saturation factor model that can better represent the
influence of the anisotropy on the saturation. Additionally, the model was extended to
consider iron bridges in the rotor.

Both the validation with FEM and measurements have demonstrated that the model
can accurately predict the dynamic start-up behavior of LSSynRM with non-standard
rotor cage designs. The comparison of the computing times emphasized the need for such
a model, as it is significantly faster than the 2D FEM.



Chapter 5

Conclusion

This study set out to improve existing Finite Element and numerical parameter models for
the simulation of the dynamic start-up of Line-Start Synchronous Reluctance Machines
with non-standard rotor cages, which are housed in the flux barriers.

The Finite Element model was essentially extended by considering the non-standard
rotor cage and its end rings. Previous studies could not provide an adequate method
to calculate the resistances of the different ring segments, which are coupled to the 2D
FE model via an external rotor circuit. This thesis hence presented a 3D FE-assisted
approach to calculate the parameters for any type of ring geometry.

By calculating the resistance with electrostatic FEM, any desired conductor geometry
can be specified. This resistance is then divided into a virtual bar end and a ring resistance
so that it can be used with the standard rotor cage model for induction machines. The
comparison with a standard Induction Machine cage showed that the method delivers
good results.

Moreover, the skin effect in the end ring of the non-standard rotor cages was inves-
tigated. The findings clearly indicate that it is not only important during the starting
phase with high rotor frequencies, but also during the synchronization phase. Because the
rotor bars are particularly deep, and the ring has a corresponding radial height, the skin
effect of the bars is transferred to the ring. The experimental validation revealed that
this influences the synchronization behavior, as the effective rotor resistance is increased
for the fundamental and the harmonics due to this effect. The finding from this is that
in such cage geometries, taking this effect into account can decide whether the motor
synchronizes or not.

Furthermore, an existing numerical parameter model for Line-Start Synchronous Re-
luctance Machines introduced in [54], [55] was improved mainly in terms of skin effect
and saturation.

For the skin effect, which was previously considered using factors that manipulate
the resistance and inductance as a function of the rotor fundamental frequency, the well-
known multi-layer method was used. This not only covers an accurate representation
of the skin effect of the fundamental frequency, but can also take harmonic losses into
account to a certain extent. The multi-layer ring model that was already introduced for
the Finite Element model to account for non-standard rotor cages was applied as well.

The saturation model used in the existing model, on the other hand, has neglected the
different saturation behavior of both axes in an anisotropic machine. Since the existing
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saturation factor approach was already a suitable method in terms of the desired drastic
reduction in computing time compared to FEM, only the accuracy of the method needed
to be improved. By introducing two different factors for the saturation of the d- and
g-axis, it was possible to better represent the different saturation states and improve the
model without a significant increase in computing time.

In Line-Start Synchronous Reluctance Machines adapted from classic Synchronous
Reluctance Machines, there are also significantly more iron bridges in the rotor that
provide mechanical stability. However, it was shown in this work that they have a major
influence on the magnetic circuit and hence on the operating behavior of the machine.

On the one hand, closed tangential bridges on the outer diameter of the rotor cause
the air gap to be smooth on one side, which results in a lower Carter factor and a reduced
magnetizing current. The harmonics in the air gap field are also reduced. On the other
hand, in contrast to air, the iron bridges cause the g-axis to have a higher permeance and
therefore change the Lq/L, ratio depending on the saturation.

However, the model only had to be changed slightly for this purpose. While the
inductances of the model for constant material properties still have to be calculated with
open bridges, the real geometry can be used for the calculation of the saturation factors.
With the dg-saturation factor model, the fundamental flux linkages of the two axes are
then always manipulated so that they correspond to the real model.

Finally, the underlying system of equations was also changed compared to the existing
model. By defining the flux linkage as a state variable, the derivation was greatly simplified
and the understanding of the model was improved.

The validation was initially carried out with the FEM, which is to be replaced by
the presented model in different stages of the design process. The results proved that
the skin effect can be modeled accurately regardless of the geometry of the rotor cage.
In addition, clear improvements in the accuracy of the consideration of saturation were
observable when using dg-saturation factors.

However, regarding the saturation model, some limitations need to be acknowledged as
well. Firstly, the saturation factor method can only manipulate the fundamental current
related to a specific flux linkage. Hence, the change in harmonic effects of any kind due
to saturation cannot be considered with this model. However, it was observed that the
results were nevertheless very close to the results of the FEM and often differed only in
the harmonic content.

Secondly, the validation of both effects combined based on the comparison of the
steady-state torque-speed characteristic indicated that not considering the saturation of
the leakage paths in the model can lead to deviations in the start-up phase. In Line-Start
Synchronous Reluctance Machines with tangential bridges at the air gap, this effect is
even more pronounced. The starting current and the starting torque therefore cannot be
accurately predicted with the model.

On the one hand, however, these are tasks for the FEM and measurements anyway.
On the other hand, most applications of LSSynRM (pumps, fans, spindles) only require
a small starting torque, which is why the influence of the error can be considered small.
Moreover, the comparison of the dynamic start-up proved that the area in which the
motor is in the synchronization phase can still be simulated well by the model. This
could also be proven in the comparison with start-up measurements, in which the model
led to the same predictions of successful and unsuccessful start-ups in most cases.

In conclusion, it can be said that the model was significantly improved and can now
be used for modern Line-Start Synchronous Reluctance Machine geometries as well. As
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the comparison of the computing time proved, it is considerably faster than the FEM,
with the time-saving increasing significantly the longer the simulation time and with each
additional simulation of the same motor. The results of the model were consistently satis-
factory and its applicability and accuracy were further improved compared to Giidelhofer’s
model, which is why it can make a significant contribution to practice.

Finally, the most important contributions of this work will be briefly listed once again:

e The transient 2D Finite Element model was expanded by a rotor circuit with ring
and bar end resistances calculated with 3D electrostatic FEM, which is suited for non-
standard rotor cages.

e The investigation of the skin effect in the rotor cage with the multi-layer method re-
vealed that the skin effect in the rotor bars of die-cast rotor cages transfers to the end
rings and hence has to be considered to accurately predict the rotor resistance and the
start-up behavior.

e An existing numerical parameter model was extended to non-standard rotor cages by
applying the multi-layer method to accurately account for skin effect during start-up
and steady-state operation.

e The saturation factor approach used previously was improved in that the saturation
states of the d- and g-axis are now each represented by a separate factor.

e The consideration of the iron bridges, which were previously neglected, could also be
implemented with this approach. It was demonstrated that it massively influences the
operating behavior for modern LSSynRM.

e For both FEM and the numerical parameter model, three rotor cage layers seem to be
a good compromise between accuracy and computing time.
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Appendix A

(Geometries of the Tested Motors

A.1 Stator geometry

Figure A.1: Stator geometry
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A.2 Rotor geometries

(c¢) Motor IIT (Jyer = 0.00115 kg-m?)

Figure A.2: Rotor geometries



Appendix B

Lumped Parameter Model of a Single
Coil

To develop a complex lumped parameter model of an electrical machine with multiple
electrically and magnetically coupled coils, the simple case of one single coil in a magnetic
field is described at first. This clarifies the procedure itself, and also the distinction
between voltage and Electromotive Force (often called ‘induced voltage’).

B.1 Derivation of the equation

In the first step, a closed, solid ring made of a conductive material is considered (see
Figure B.1). The shown cross-section of the ring lies in the xy-plane.
If a magnetic field penetrates the area spanned by the ring, the magnetic flux linkage

is defined as
VY ://édff. (B.1)

A time-varying magnetic field B in negative z-direction (i.e., into the paper) causes a flux
linkage 1 in the coil which changes over time so we can write Faraday’s induction law

d

which yields an electromotive force (EMF) e around the ring. It is to mention that the
negative sign is just a matter of definition. In this case, a decreasing flux linkage leads to
a positive EMF, which causes a right-hand assigned current i to flow in the ring.

___________

b)

Figure B.1: Ring made of conductive material acting as a coil: a) Cross-section, b)
equivalent circuit. The electromotive force e caused by the variation of ¥ over time drives
a current 7.
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From Maxwell’s second equation, it is known that
d " 7{ Eds (B.3)
——) = S .
dt ’

where the right-hand side can be described as the sum of all voltages around the ring.
Introducing the resistance R as the first lumped parameter, defined as the resistance of
the circumferential current path through the ring, one can write

e= %Edgz Ri. (B.4)

It is obvious that there is no locally assignable voltage drop in the ring because the
starting and endpoint of the resistance R are the same wherever this point is chosen.
Practically, this means that there is no potential difference between any two points, so
no voltage can be measured. Nonetheless, current is flowing through the ring due to
induction. Hence, the EMF e which causes the current to flow should not be considered
a voltage. More precisely, it is the sum of all voltages on the defined path.

Equation B.3 now yields:

d
o — B.
¥ =R (B.5)
which transforms to

d
0= Ri+— B.6
i+ (B.6)

as the general lumped parameter voltage equation of the ring. The equivalent circuit of
this geometry is hence a single resistance which is short-circuited (see Figure B.1b).

Now, when one section of the ring is cut off, therefore creating an opening, current
can no longer flow (Figure B.2). Therefore, the equivalent circuit is opened as well and a
voltage u across the open terminals can be measured (Figure B.2b).

___________

[ —
LI
=

Figure B.2: Ring from Figure B.1 with one section removed: a) Cross-section, b) equiv-
alent circuit. Now a voltage u can be measured at the open ends of the ring. The current
1 equals zero.

With e as the sum of all voltages follows:
e=—u (B.7)

because ¢ = 0. This means that the EMF can be measured at both terminals as voltage
u (often referred to as induced voltage uinq)-

If an external voltage source is added to the ends of the cutoff (Figure B.3), current
can flow again. The equation for this arrangement is

e=—u+ Ri, (B.8)
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where e can be replaced with Equation B.2 again. In addition, u now denotes an impressed
voltage, unlike in the previous case. Transformed to

oo d

yields the well-known general voltage equation of a coil.

__________

b)

Figure B.3: Ring from Figure B.2 with an external voltage source added: a) Cross-
section, b) equivalent circuit.






	Introduction
	Motivation
	Aims of this work

	Theoretical Background
	System overview
	The start-up process
	Steady-state behavior
	Transient behavior

	Requirements for a start-up simulation model
	Relation between the different coordinate systems

	Finite Element Model
	Introduction
	Investigated motors
	Two-dimensional Finite Element model
	Equations
	Boundary conditions and symmetries
	Materials
	Mesh generation

	Stator winding
	Rotor cage
	Analytical method
	Improved 3D FEM-assisted method
	Influence of ring resistances on the motor behavior
	Consideration of skin effect

	Torque and equation of motion
	Skewing
	Solution
	Number of time steps per electrical period
	Segregated solution of mechanical equations

	Experimental validation
	Synchronous torque measurement
	No-load measurement
	Locked rotor measurement
	Start-up measurement

	Conclusion

	Finite Element-Based Parameter Model
	Introduction
	Electromagnetic machine model
	Stator voltage equations
	Rotor voltage equations
	Full system of equations for linear materials without skin effect
	Consideration of the skin effect
	Consideration of saturation
	Final system of equations (electromagnetic)
	Parameter calculation

	Mechanical machine model
	Solution
	Validation with FEM
	Validation of the skin effect model
	Validation of the saturation model
	Steady-state torque versus speed simulation
	Start-up simulation

	Validation with measurements
	Comparison of the computing time
	Conclusion

	Conclusion
	Appendices
	Geometries of the Tested Motors
	Stator geometry
	Rotor geometries

	Lumped Parameter Model of a Single Coil
	Derivation of the equation


